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Abstract

This thesis describes (i) guidelines for propulsor sizing, and (ii) strategies for fan turbo-
machinery conceptual design, for a boundary layer ingesting (BLI) propulsion system for
advanced civil transport aircraft. For the former, configuration performance analysis shows
BLI yields a reduction in mechanical power required to propel a given aircraft. For the
latter, fan turbomachinery design attributes are identified to mitigate the impact of BLI
inlet distortion on propulsor performance.

The propulsion system requirements are determined using a mechanical energy analy-
sis, in which the performance of the airframe and propulsor are characterized in terms of
sources and sinks of power. Using this framework, the propulsor can be sized based on
the performance of the isolated airframe. Analysis of the power savings due to BLI (from
reduction of viscous dissipation both in the aircraft wake and the propulsor jet) leads to
scaling choices for the sizing of propulsor simulators for wind tunnel experiments to assess
BLI benefit.

Fan stage distortion response is assessed computationally for a range of turbomachinery
design parameters and for distortions characteristic of BLI. The numerical results show
the importance of three-dimensional flow redistribution upstream of the fan, and indicate
that, for the parameters examined, non-axisymmetric fan stators have the largest effect
on decreasing blade row velocity distortions and thus mitigating losses due to flow non-
uniformity.
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Chapter 1

Introduction

The concept of boundary layer ingestion (BLI) is illustrated in Figure 1-1. For conventional
propulsion without BLI, the airframe drag, equal to the momentum deficit in the down-
stream wake, must be balanced by the engine thrust, equal to the excess momentum in the
propulsor jet. The excess kinetic energy in both wake and jet are lost as viscous dissipation,
resulting in additions to the propulsive power needed to produce the thrust. With BLI, a
portion of the airframe boundary layer is passed through the propulsor, reducing the wake
momentum deficit and jet kinetic energy. The condition of zero net momentum downstream
is thus achieved with a reduction in wasted kinetic energy in the combined wake and jet

flow, leading to decreased propulsive power and, ultimately, fuel burn.

A number of challenges exist in design and analysis of BLI aircraft configurations and
their propulsion systems. One is that the definition of the propulsion system requirements

becomes more difficult because the concepts of thrust and drag become ambiguous with

Zero Net Wasted

Momentum Kinetic Energy
./-—-4_ L o
&= arframewake  +

+===—= propulsor jet +

\Z_Z s
<_( +== combined wake and jet i

S T e -

Figure 1-1: Boundary layer ingestion reduces wasted energy both in the wake of the airframe
being propelled and in the jet downstream of the propulsor (adapted from Drela [1])
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a tightly integrated propulsion system. The disturbance pressure field of the propulsor
will alter the surface forces on the airframe, so the engine thrust requirement cannot be
determined based on the drag of the isolated airframe. A second effect is that the ingested
boundary layer flow enters the propulsor at reduced momentum flux, relative to free stream
stagnation conditions typically seen at the engine inlet. Both these effects modify the power
that needs to be added to the flow by the propulsor in order to maintain zero net force on
the aircraft at the cruise condition.

A second challenge with BLI is that part of the benefit can be offset by decreased engine
performance, particularly that of the bypass fan stage, which may be adversly affected by
the presence of inlet distortion. The spatial non-uniformity in flow conditions across the
height of the boundary layer presents non-uniform and unsteady conditions to the fan as
it rotates through the boundary layer, so that part of the fan is always operating at “off-
design” conditions with reduced efficiency.

The objective of this thesis is to address these two challenges at the conceptual design
level. We propose a methodology for characterizing the propulsion system requirements in
terms of low mechanical energy, eliminating the difficulties of momentum-based accounting,
and providing a procedure for engine sizing based on the performance of an isolated airframe.
We also examine the sensitivity of blade row performance with inlet distortion to changes
in various propulsor design parameters, to determine attributes of fan stage design and
installation that mitigate the adverse effect of BLI on engine performance. The analyses
in this thesis can thus serve as a reference early in the design process of fan stages for new

BLI applications.

1.1 Approach

The propulsion system requirements are determined using the power balance method of
Drela [2]. Rather than considering the forces on the aircraft, the performance of the airframe
and engine are characterized in terms of sources and sinks of mechanical energy. Energy
related quantities analagous to thrust, drag, and propulsive efficiency are defined, and it
is shown that the BLI benefit can be explained as the combined effect of a decrease in
effective airframe drag and an increase in propulsive efficiency; for the cases considered

here, the latter is the dominant effect. The impact of propulsion system sizing and fan

22



efficiency on BLI aircraft fuel burn are assessed using the TASOPT aircraft configuration
optimization tool [3].

Viewing the system performance in terms of mechanical energy also provides insight into
appropriate propulsion system scaling for powered wind tunnel models and for comparison
between integrated and conventional podded propulsion system configurations. In this
context, complementary experiments have been carried out using powered wind tunnel
models with propulsor simulators sized according to the scaling rules presented in this
thesis [4].

The impact of BLI inlet distortion on fan stage turbomachinery performance is assessed
using two internal flow analyses. First, a linearized description is introduced and applied
to quasi-two-dimensional (z, ) flow simulating a fan stage to assess the sensitivity of blade
row performance to changes in the turbomachinery design and installation. Second, a three-
dimensional non-axisymmetric throughflow analysis is developed and applied to different fan
stage geometries to assess the effectiveness of strategies for distortion tolerance arising from
the two-dimensional description.

For both the external and internal flow analysis, we consider only the performance at
the cruise design point. The majority of aircraft fuel burn occurs at cruise, and the viability
of BLI should be confirmed at the propulsor design point before considering any off-design
analysis. We limit ourselves to incompressible flow. Neglecting the effect of compressibility
in the subsonic external flow may change numerical results by a few percent, but trends
with the design variables should not be affected [3]. Similarly for internal flow, the relevant
flow mechanisms that drive fan stage performance with inlet distortion have been shown to

be insensitive to Mach number [5].

1.2 Contributions

1. BLI fuel burn benefit is shown to be enabled by increased propulsive efficiency for a
given fan size. The power requirements of BLI configurations are quantified in terms of
(i) the performance of the airframe to be propelled and (ii) the sizing of the propulsor,
using the power balance method. Optimization of BLI and non-BLI configurations
shows minimum fuel burn occurs in both configurations at approximately equal engine

mass flow, with a reduction in required propulsive power in the BLI configuration due
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to a reduction in viscous dissipation in the propulsor jet and airframe wake. The

former is by far the dominant feature of the configuration examined.

. Scaling for powered wind tunnel models used to experimentally assess BLI benefit
has been defined based on analysis of power savings with BLI. Experimental results
show power savings consistent with mechanical energy analysis of the wind tunnel
models, confirming the BLI benefit and validating the power balance analysis for

highly integrated aircraft configurations.

. The impact of changes in fan efficiency on BLI fuel burn benefit has been evaluated for
a proposed BLI aircraft configuration. Changes in fan efficiency are shown to have a
small effect on overall BLI fuel burn benefit (less than 1% increase in fuel burn per 1%
decreases in fan éfﬁciency). Futher, they do not impact the optimal propulsor sizing.
The sizing analysis (external flow problem) and fan performance analysis (internal

flow problem) can thus each be carried out independently.

. An analysis for simulating fan performance with three-dimensional inlet distortions
has been developed. The flow through the fan blading is modeled using steady dis-
tributed momentum and energy sources on an axisymmetric grid. The source distribu-
tions are determined as a function of specified blade geometry. The formulation allows
approximate calculation of non-axisymmetric flow fields that capture the relevant flow
redistribution and distortion transfer at a reduced computational cost compared to

full-wheel unsteady calculations, and without any a priori flow or performance data.

. Flow mechanisms that determine conditions at the blade rows in fan stages with BLI
are identified. The analysis shows that three-dimensional upstream flow redistribution
results in rotor inlet conditions not predicted by two-dimensional compressor distor-
tion response analysis. The rotor distortion transfer, downstream flow behavior, and
rotor-stator interactions, however, are captured well by a linearized two-dimensional

analysis.

. Fan stage turbomachinery design attributes that can potentially mitigate the impact of
BLI inlet distortion on propulsor performance are identified. It is found that effective
non-axisymmetric stator design can (i) reduce velocity distortions and thus mitigate

losses in the rotor and (ii) reduce losses in the stator by tailoring the geometry to

24



accept the incoming distortion downstream of the rotor.

1.3 Thesis Outline

Background on BLI and turbomachinery distortion response, including a review of the rele-
vant literature, is provided in Chapter 2. Chapter 3 presents an analysis of BLI benefit and
propulsor sizing, including the impact of reduced fan efficiency due to inlet distortion. Chap-
ter 4 contains a linearized actuator disk distortion response analysis for two-dimensional fan
stage blade-to-blade flows, which is used to identify design attributes that have the potent
to mitigate the impact of inlet distortion on propulsor performance. Chapter 5 contains
a description of an approximate analysis for turbomachines, which is used in Chapter 6
to assess the impact of various changes in fan stage design on performance with BLI inlet

distortion. Conclusions and recommendations for future work are given in Chapter 7.
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Chapter 2

Background

This chapter provides an overview of previous work related to aircraft propulsion with BLI.
The chapter is divided into two broad categories, BLI aircraft performance and turboma-
chinery distortion response. A survey of the relevant literature is given on these topics,
including a description of the power balance methodology used in Chapter 3, an overview
of compressor distortion response modeling methodologies, and results from recent work on

fan stages with BLI-type inlet distortions.

2.1 BLI Aircraft Performance

The concept of boundary layer ingestion as a way to reduce required propulsive power has
been understood for some time. In marine applications, the location of a ship’s propeller
close to the trailing edge of the hull makes BLI inevitable. For design, the effect of BLI has
typically been considered as an increase in propulsive efficiency for a required thrust [6] [7].
Betz [8] accounts for BLI benefit in this way, but provides a conceptual description of the
benefit of re-energizing part of the wake of a body.

Smith [9] presents BLI as a means of increasing the efficiency of aircraft propulsors.
The BLI benefit is quantified in terms of propulsive efficiency, defined as the product of
free stream velocity and the drag of the propelled body (i.e., the drag power of the body)
divided by the power added to the flow by the propulsor. This definition captures the
beneficial effect of BLI, since the power added decreases with BLI, but it neglects that the

force on the body will change due to the pressure field of an integrated propulsor.* Smith

*As a result of this definition, propulsive efficiencies greater than unity can be attained. Smith acknowl-
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also defines a power-saving coefficient, used to compare the performance of BLI and non-
BLI configurations. The analysis presented in Chapter 3 proceeds in a manner similar to

Smith, but uses a framework based on mechanical energy analysis.

2.1.1 Commerical Aircraft Concepts

In recent years, commercial aircraft concepts using BLI have been proposed. The work of
the Cambridge-MIT Silent Aircraft Initiative (SAI) resulted in a hybrid wing-body aircraft
concept optimized for low noise [10] [11]. The design included an embedded propulsion
system to reduce noise and increase propulsive efficiency by ingesting a portion of the
fuselage boundary layer [12] [13]. Similar designs have been analyzed by NASA for their
potential for reduced environmental impact [14]. Most notably, one of these designs [15]
has been selected as the platform for the detailed design of a propulsor to be used in a high
speed fan rig test to assess fan stage performance with BLI inlet distortion.

The configuration of interest in this thesis is the MIT D8, which was developed as part
of a NASA funded program to identify aircraft concepts and technologies for reduced en-
vironmental impact [16]. A schematic of the design is shown in Figure 2-1. Key design
features include reduced cruise Mach number which allows reduction in wing sweep, weight,
and drag, a “double-bubble” fuselage design which provides extra carry-over lift, and an
empenage configuration featuring two vertical tails and flush-mounted engines that ingest
a portion of the fuselage boundary layer. The reduced Mach number and fuselage-engine
integration with short inlets leads to BLI inlet distortions with little or no streamwise vor-
ticity, unlike previous designs with long S-duct inlets upstream of the fan [17]. In Chapters
5 and 6 we therefore consider the effects on the fan stage of vertically stratified stagnation

pressure distributions far upstream.

2.1.2 Aircraft Performance Analysis with the Power Balance Method

In Chapter 3, the propulsion system requirements with BLI are determined using the Power
Balance Method developed by Drela [2]. Because the propulsor pressure field will alter the
surface forces on the airframe, and the ingestion of the airframe boundary layer changes the

inlet conditions of the propulsor, airframe drag and engine thrust are not easily defined for

edges this fact, and his definitions for thrust and drag - while not representing specific forces that could be
measured in a body-propulsor configuration - provide a consistent framework for evaluating BLI benefit.
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MIT N+3 D8.2

Figure 2-1: The MIT D8 aircraft configuration: a 180 passenger civil aircraft concept for
reduced environmental impact.

BLI configurations. It is more useful, therefore, to work in terms of power than in terms
of forces, and the power balance method considers the mechanical flow power quantities.
For level unaccelerated flight, the power added to the propulsor mass flow must balance the

viscous dissipation or lost power in the flow around the aircraft,

P =d (2.1)

K~ ey

where P, is the power added to the flow, defined as the rise in mechanical energy flux from

the inlet to the exit of a propulsor,

1 .
Py = f_/ N [(p - Po) + §P(V2 - VOZ;) V' - dSprop. (2:2)
out—inl
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and @, is the viscous dissipation in the flow, integrated over a control volume extending

far from the aircraft in all directions,

By = f / / (r-V)-Vav. (2.3)

Typically, the volume integral in Equation (2.3) is not calculated directly. The dissi-
pation is confined to viscous boundary layers, wakes, and the trailing vortex system down-
stream of an aircraft. These dissipation sources are illustrated schematically in Figure 2-2.
For non-BLI configurations (denoted by primed ()’ quantities), the dissipation sources of
the isolated airframe can be characterized in terms of conventional drag metrics and the
state of the boundary layer at various locations. The vortex dissipation, ®/ tcy, is defined
as the excess mechanical energy in the vortex system downstream of the aircraft, which is

equal to the induced drag power,
(I)izortex = VoD :

The surface dissipation, ®, , is the power lost in the boundary layer on solid surfaces, and
is equal to the boundary layer kinetic energy defect at the trailing edge of the airframe,

which is related to the boundary layer kinetic energy area ©*,

1 " 1
,surf = E(puge Jre = 2 //(ug - u2)pu dSrg- (2'4)

The wake dissipation, ®,,,., is the excess mechanical energy of the wake in the reference
frame of a stationary observer, and is related to the wake kinetic energy excess area A, at

the trailing edge of the airframe,

1 1
Be = (P )as = 5 [ [ (e =0 pudSiy. (2.5)

The sum of the surface and wake dissipation is equal to the profile drag power, VOOD;,, which

is characterized by the momentum defect in the wake,
Voo D ;> = Dy + Pyake = (Puge)wake = Ue / (ue — u) pu dSwake, (2.6)

where the boundary layer momentum area © is evaluated at a location far downstream at
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Figure 2-2: Sources of dissipation, ®, can be estimated based on conventional drag and
boundary layer quantities, and are insensitive to perturbation pressure field effects for in-
tegrated configurations.

free stream static pressure. The relative contributions of surface and wake dissipation to
total profile drag depend on the state of the boundary layer at the trailing edge of the body.
Combining Equations (2.4) and (2.6) yields the surface dissipation contribution in terms of
the boundary layer kinetic energy shape factor H* = ©*/0,

Hig

ls‘_“.f = VDQD’T (27)

For attached turbulent flow, H* ~ 1.75 [2], and the surface and wake dissipation account

for approximately 7/8 and 1/8 of the drag power, respectively.

The jet dissipation, ®je, is the excess mechanical energy of the propulsor jet,

1
B = 5 [ [ (Voo = Vi) Viw dSou 2.9

In Chapter 3, we show that the jet dissipation will depend on the propulsive power require-
ment of the configuration, the amount of boundary layer ingested, and the selection of the

propulsor mass flow. 2-2.

With BLI, the dissipation is altered because of the re-energizing of the ingested wake,
as in Figure 2-2. As suggested by Drela [2][3], and shown computationally for a range of

body-propulsor configurations by Sato [18], a quantitatively useful approximation is that
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the vortex and surface dissipation are unaffected by the presence of the propulsor,t

Dyortex = (I)ifortex’ (2'9)

qurf = @éurf. (2.10)

The wake dissipation, however, is reduced by an amount equal to the downstream dissipation

would occur in the fraction f; ; of the boundary layer flow ingested by the propulsor,
Pwake = (1 - fBLI)q):)vake' (2.11)

In Chapter 3, an analysis of Equations (2.1)-(2.11) is carried out to show the physical
mechanisms of BLI benefit. Using this framework, it is easy to show that BLI reduces
the required flow power P, due to reduced wake dissipation (see Equation (2.11)) and jet

dissipation, depending on the sizing of the propulsor.

2.2 Turbomachinery Distortion Response

The response of fans to steady inlet distortion has also received attention. Earlier work on
compression system modelling identified distortion-component coupling effects in the case
of two-dimensional circumferential distortions, with the main concern being the impact of
distortion on stall margin. Although the application and objectives are different, many of the
basic principles are applicable to our study of design point BLI fan efficiency. More recent
analyses have been used for fan stage distortion response analysis. These methods, along
with results from higher-fidelity assessments of fan stages with BLI-type inlet distortions,

form a basis for the fan stage distortion analysis in this thesis.

2.2.1 Previous Modeling Approaches

Longley and Greitzer [19] provide an excellent review of considerations for propulsion system
inlet distortion response, and we present two important concepts here. First, we consider
parallel compressor theory, in which a non-uniform flow through a compressor is treated as

two separate one-dimensional flows. The streams operate on different points on the com-

tThis is not true for the force on the body, which can be altered due to the perturbation pressure field
of a downstream propulsor.
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Figure 2-3: Parallel compressor model for circumferential distortion response (adapted from
Longley and Greitzer [19]); average performance with inlet distortion is estimated assuming
parallel streams operating on uniform flow characteristics.

pressor total-to-static pressure rise characteristic as shown in Figure 2-3. If the compressor
exit static pressure is assumed constant, the magnitude of the upstream stagnation pressure
distortion constrains the total-to-static pressure rise of each stream and thus the difference
in flow coefficient and resulting axial velocity distortion. If both the pressure rise charac-
teristic and efficiency characteristic are concave-down (with respect to flow coefficient), the

average pressure rise and efficiency are reduced relative to the uniform flow performance.

The parallel compressor model highlights the importance of the slope of the pressure
rise characteristic in determining the distortion response. A steeper (more negative) 9,.. (¢)
slope results in lower axial velocity distortion at the compressor, which may also decrease
the efficiency reduction, depending on changes in changes in the efficiency characteristic.
This suggests one means of improving performance of BLI fan performance, which we assess

in Chapters 4 and 6.

A second important concept is the upstream flow redistribution due to interaction be-
tween the distortion and the compressor (or fan). For a two-dimensional flow (representative
of high hub-to-tip ratio compressor geometries), the attenuation of axial velocity distor-
tion predicted by parallel compressor theory results in the generation of non-axisymmetric
circumferential velocities (swirl) at the compressor as illustrated in Figure 2-4. The non-
uniformities in axial and circumferential velocity result in flow angle variations at the blade
row inlet, creating an off-design incidence range the blades must tolerate. The affect of com-

bined axial and circumferential velocity distortions on compressor performance have been
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Figure 2-4: Axial velocity distortion attenuation leads to circumferential flow redistribu-
tion and inlet flow angle variation at compressor location (adapted from Longley and Gre-
itzer [19]).

assessed using two-dimensional analyses [20]. In Chapter 4, we present such an analysis,
based on the work of Greitzer and Griswold (21|, with new models for discrete rotor and

stator actuator disks and non-axisymmetric stator and flowpath geometries.

In Chapter 5, we develop a non-axisymmetric turbomachinery throughflow analysis for
fan stage flows with inlet distortion at a computational cost much lower than those described
above. The basic idea is to replace the turbomachinery blade rows with distributions of
momentum and energy source terms in the calculation that generate a similar flow field to
the actual flow [22] [23]. Similar methods have been used in turbomachinery research at
the MIT Gas Turbine Lab to address multistage compressor stability [24], BLI propulsor
aerodynamic [25] and acoustic [26] performance, and the design of ultra-short nacelles for
low pressure ratio fans [27]. In these previous formulations, the form of the source term dis-
tributions is determined by extracting blade forces from single passages RANS calculations
carried out over a range of operating conditions and developing a correlation to local flow
conditions. In the current implementation, described in Chapter 5, the source terms are
determined based on a blade passage description characterized by a specified blade camber

surface geometry, eliminating the need for a priori calculations.
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2.2.2 BLI Fan Distortion Response

Initial designs of BLI propulsion systems [28] and fan stages [29] did not account for fan
efficiency did not asses the impact of BLI inlet distortion on fan efficiency. More recent
computational and experimental research carried out on a low speed model of the NASA
rotor 67 fan stage has led to useful information on fan response to circumferential inlet
distortion [30](31]. A high speed fan stage is also being designed for rig testing with BLI
inlet distortion [32], and computations show the fan efficiency decreases by less than 2%
relative to uniform inlet conditions.

The recent work of Gunn and Hall [5] provides the most comprehensive treatment of the
response of a contemporary fan stage to BLI inlet distortion, and the results of this study are
used as a benchmark for assessing the effectiveness of the model presented in Chapter 5. The
flow features of BLI fan stage distortion response are identified using unsteady full-wheel
CFD in conjection with experiments on a low speed fan rig. The upstream redistribution
is found to have significant radial components, creating co- and counter-swirl distortions at
the fan face along the entire blade span. The distortions result in non-uniform work input
affecting the flow into the stator. Fan efficiency was found to decrease by only 1-2% relative
to the performance with uniform inlet conditions, with the increased losses concentrated in
areas where the local diffusion factor is increased. Computations on a high-speed fan show
that while the details of the flow may change, specifically the presence of shocks, the flow
features that drive the change in efficiency with distortion are not qualitatively altered by

the change in Mach number.
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Chapter 3

BLI Configuration Performance

Analysis

First steps in designing a podded (on wing or fuselage) aircraft propulsor include estimating
the engine thrust requirements and selecting the physical size of the propulsor. For an
aircraft with boundary layer ingestion (BLI), however, the definitions of engine thrust and
airframe drag become ambiguous, as described in Chapter 1, and it is more useful to work
in terms of power than in terms of forces. We thus define the propulsor requirements using
the power balance methodology described in Chapter 2, which allows quantification of the
BLI benefit based on sources and sinks of mechanical power in the propulsor and aircraft
flow fields.

A further complication in the assessment and design of BLI propulsors is the effect of
inlet distortion from the ingested boundary layer on propulsor performance. In this chapter,
the impact of inlet distortion is considered on a one-dimensional basis, by examining the
sensitivity of configuration performance to changes in fan efficiency. Mechanisms leading to
increased propulsor losses due to distortion and strategies for distortion tolerant propulsor

design are the focus of Chapters 4 through 6.

3.1 Mechanical Energy Analysis

We first examine the impact of BLI for a simple body-propulsor configuration with no vor-
tex dissipation as in Figure 3-1. We proceed in a manner aligned with that of Smith [9],

characterizing the BLI benefit in terms of propulsive efficiency and power savings, although
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Figure 3-1: BLI body-propulsor configuration with dissipation sources used in lumped pa-
rameter mechanical energy analysis.

we make two changes in the analysis. One is that the propulsive power requirement is
determined using the power balance method [2]. This results in a definition for propulsive
efficiency, based on mechanical power added to the flow by the propulsor and viscous dis-
sipation in the external flow, which is different from that of Smith. Second, we cast the
analysis in terms of propulsor mass flow as an independent variable upon which the BLI

power savings depends.

3.1.1 Propulsive Power Requirement

We adopt a lumped parameter approach, where the airframe performance is characterized in
terms of the dissipation quantities defined in Section 2.1.2, and the propulsor performance
is characterized by a mass flow, 77, and jet velocity, Vier. Table 3.1 lists the definitions of
the various power and dissipation terms considered throughout this section.

The mechanical flow power added to the flow by the propulsor, P, is equal to the

increase in mechanical energy of the flow from propulsor inlet to exit,

L. o2 2
PK = Em(‘{jet - Voo) + fBLI :surf' (31)
Equation (3.1) states that P, is equal to the increase in propulsor flow kinetic energy from
free stream conditions to the jet velocity, plus the inlet mechanical energy defect, which is
equal to the dissipation within the flow upstream of the propulsor, f5;; ®Psurs. The propulsor
jet introduces excess kinetic energy at the propulsor outlet, which is equal to the total

dissipation, ®@jet, that will occur downstream of that location,

1.
Bt = Eqrn,ﬂ/jet - Vs )?. (3.2)
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Mechanical flow power P, Equations (2.2) and (3.1)
Jet dissipation Djet, Equations (2.8) and (3.2)
Net propulsive power P, — ®jet = Pyp
Shaft power Pinast = P, /nfs
Vortex dissipation Dyortex = VoDl
Surface dissipation Bgurt = 1 (pud0*).
Wake dissipation e = 5(pudA) g
Dyake = (1 -/ BLI)q):vake
Profile drag power VooDp =P+ Do
Drag power Voo D! =@ ¢+ Ppore T Plortex

Table 3.1: Definition of power and dissipation terms used in lumped parameter mechanical
energy analysis.

For zero net force on the configuration (no acceleration), the power added to the flow is

equal to the total dissipation,
Py — Pjet = Psurf + Pwake- (3.3)

Equations (3.1)-(3.3) can be combined using the definitions in Table 3.1 to express a power
balance in terms of body drag and dissipation performance, fractional amount of BLI,

propulsor mass flow, and jet velocity,

mVOO(Vjet - VOO) + fBLIq);urf = VOODI - fBLI ivake' (3-4)

Equation (3.4) shows the beneficial effects of BLI. The right-hand side is the total
dissipation (lost mechanical power) associated with the body boundary layer and wake.
The left-hand side of Equation (3.4) is here defined as the net propulsive power, equal to
the flow power P, minus the lost power in the jet downstream ®;e;. For the former, with
BLI, the lost power is reduced by an amount proportional to the boundary layer ingestion
fraction. For the latter, ingestion of boundary layer fluid increases the net propulsive power
for a given jet velocity and mass flow. For a non-BLI propulsor, f;,; = 0, and Equation

(3.4) reduces to the conventional force balance between thrust and drag.

For a conceptual description of the impact of BLI on configuration performance, it is
useful to recast the power balance equation in terms of conventional thrust and drag metrics.

To do this, equation (3.4) can be rearranged as an expression for the drag of the isolated
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body,
/
™ [Vjet - Vo (1 - &“—’il—)—)} =D (3.5)

mMmVso

With no BLI, the left-hand side of Equation (3.5) is equal to the net thrust, the difference
between gross thrust, mVie, and “ram drag,” mV,. Boundary layer ingestion produces a
reduction of airframe wake dissipation, and a decrease in propulsor inlet mechanical energy

flux, which appears as an effective ram drag reduction.*

To quantify the BLI benefit, we consider the behavior of the mechanical flow power,
P,.. Propulsor shaft power is related to P, through the fan efficiency, so that Py is the
relevant power consumption metric for aerodynamic performance analysis in the absence
of information about propulsor internal performance. For the case of the body-propulsor
configuration with no vortex dissipation shown in Figure 3-1, Equations (3.1) and (3.4) can
be combined to determine the flow power P, as a function of propulsor mass flow 7 and
BLI fraction f,, for assumed surface and wake dissipation contributions to isolated body
drag power. This behavior is shown in Figure 3-2. The vertical axis is the flow power,
P, non-dimensionalized by the isolated body drag power, Voo D', and the horizontal axis
is the propulsor mass flow free stream momentum flux, 7V, non-dimensionalized by the
drag, D’. Increasing the propulsor mass flow for a given D’ results in a reduction in jet
velocity and jet dissipation, and thus a reduction in P,. Increasing f;; yields a reduction
in P, because the wake and jet dissipation are reduced. In the limit of fz; = 1, the
propulsor ingests the entire wake and accelerates it to Vies = Vio, eliminating the wake and
jet dissipation. The flow power is equal to the surface dissipation, P, = ®gyf. In this ideal
case, the flow power is the smallest possible, and is independent of propulsor size (as long

as the entire wake is ingested).

3.1.2 Propulsive Efficiency

We now relate the reduction in required power with BLI to the change in propulsive ef-
ficiency. Following Drela [2] and Sato [18], we define propulsive efficiency as the ratio of

propulsive power delivered to the aircraft, or net propulsive power, (P, — ®jet), to mechan-

*It is worth noting that the effective ram drag reduction described in Equation (3.5) is not necessarily
equal to the ingested momentum defect. The change in flow power requirement depends on the ingested
kinetic energy defect, which is expressed here in terms of more familiar momentum quantities.
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Figure 3-2: Non-dimensional propulsor flow power P, /(V,D') versus non-dimensional
propulsor mass flow Vs /D’ for different values of BLI fraction f,; increasing BLI frac-
tion at fixed propulsor mass flow decreases mechanical flow power.

ical power added to the propulsor mass flow, P,

P, — ®iet
p = KP Je'

K

(3.6)

Equation (3.6) shows the propulsive efficiency as a measure of the jet dissipation for a given
mechanical power delivered to the propulsor mass flow. Combining Equations (3.1), (3.2),

and (3.6) yields an expression for the dependence of n, on fy,,

—1
’
‘/J'Bt + VOO fBLl surf

=1- - 3.7
e Vjet — Vo %m(vjet - Voo)2 (3.7)
For a non-BLI propulsor, Equation (3.7) reduces to the Froude efficiency,
2V,
’ oo
M= e, (3.8)
PVt Ve
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Figure 3-3: Propulsive efficiency 7, versus non-dimensional propulsor mass flow MV /D’
for different values of BLI fraction f,,,; increasing BLI fraction at fixed propulsor mass flow
increases propulsive efficiency, approaching unity as the entire wake is ingested.

Equation (3.7) shows that increasing the BLI fraction for given mV/ D’ and Vjet/Vo
increases the propulsive efficiency. BLI also results in a reduction in the required net

propulsive power, the numerator of Equation (3.6).

Increases in propulsive efficiency can also be achieved by increasing the non-dimensional
propulsor mass flow to reduce jet dissipation, as shown in Figure 3-3. The vertical axis is the
propulsive efficiency, and the horizontal axis is the propulsor mass flow, non-dimensionalized
as in Figure 3-2. For any amount of BLI, increasing the non-dimensional propulsor mass
flow decreases Viet/Vao, reducing jet dissipation and increasing propulsive efficiency. Al-
ternatively, increasing the BLI fraction at a given non-dimensional mass flow reduces the

propulsor inlet mechanical energy flux, and thus decreases jet dissipation for a given P, .
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3.1.3 Power Saving Coefficient

With BLI, there is a reduction in wake and jet dissipation, the latter associated with an
increase in propulsive efficiency, both of which contribute to decreased propulsor flow power,
Py . The power saving coefficient of Smith [9] can be defined as the normalized decrease in

required power with BLI compared to a non-BLI propulsor,

P —P
PSC= % (3.9)

K

Using the power balance equation yields an expression for PSC in terms of propulsive
efficiency with and without BLI and the normalized dissipation of the isolated body,

/ <I)I
PSC=1— -Zf (1 - ———fB‘L;OOB*;ke) . (3.10)

Equation (3.10) shows the two physical mechanisms of BLI benefit. First, the wake dissi-
pation and required net propulsive power are decreased by an amount equal to the wake
dissipation of the ingested boundary layer, f ®. ... Second, the propulsive power can be
developed at a higher propulsive efficiency with BLI, due to the reduction in propulsor inlet
mechanical energy flux.

The relative importance of the two effects is illustrated in Figure 3-4. The vertical axis
is the required power P, non-dimensionalized as in Figure 3-2, and the horizontal axis is
the propulsive efficiency. The wake dissipation reduction benefit is the vertical distance
between curves for different values of f ;. Comparison of Figure 3-2, 3-3, and 3-4 shows
the power saving at fixed propulsive efficiency (i.e. wake dissipation reduction) is small
compared to the benefit due to increased propulsive efficiency at a given propulsor mass

flow.

3.2 BLI Aircraft Configuration Performance

In this section, the BLI benefit analysis of Section 3.1 is applied to the D8 aircraft con-
figuration. The ratio of ingested wake dissipation fy; ®. ... to total airframe drag power
Voo D' is small (~ 1%) due to the presence of vortex dissipation (induced drag), and because
only a portion of the fuselage boundary layer is ingested. The dominant mechanism of BLI

power saving is therefore increased propulsive efficiency.
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Figure 3-4: Non-dimensional propulsor input power P, /(VoD') versus propulsive efficiency
np for different values of BLI fraction f, ;; increasing BLI fraction yields smaller flow power
reduction at fixed propulsive efficiency than at fixed mass flow.

We examine not only the reduction in required flow power P, with BLI, but also the
impact on overall fuel burn. This is done using TASOPT configuration optimization tool,
which calculates airframe and engine sizing for minimum fuel burn as a function of a range
of input design parameters characterizing various configuration component technologies [3].
The optimization takes into account factors such as engine weight and nacelle drag, and
thus captures the system-level impact of BLI on fuel burn, providing insight into relevant

propulsor sizing for civil aircraft with BLL

3.2.1 Propulsive Power Requirement

For an aircraft configuration with BLI, the airframe dissipation can be characterized in terms

of conventional drag metrics, using the relations between momentum and drag quantities
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discussed above. We define a dissipation coefficient as

Co = o

= Tvisa (3.11)

The airframe lift produces trailing vorticity that generates dissipation not considered in the

previous section. This is directly related to the induced drag D;,
C¢vortex = C,Di' (3.12)

The viscous profile drag D, can be decomposed into contributions from dissipation in the

surface boundary layer and downstream wake as described in Chatper 2,

Co,ut + Co e = CD,- (3.13)

'wake

Combining Equations (3.12) and (3.13), the sum of the dissipation coefficients for an isolated
can be related to the drag coefficient C%,,

/ +Ch

q’vortex

surf + Céwake = C, i + C-,Dp = Cb' (3'14)
The required mechanical flow power P,., can be estimated based on the isolated airframe

performance and propulsive efficiency,

P 1
Cpy = +——%—=—(Cp - C; . 3.15
Pg %pVO%Sref np( D fBLI ‘I’wake) ( )

The term in parentheses in Equation (3.15) is the total airframe dissipation, which is es-
timated based on the drag of the isolated airframe (without a propulsor), C},, and the
dissipation of the ingested wake f, &,wake. The impact of the downstream jet dissipation

is included through the propulsive efficiency, 7,, which is increased by the reduction in

’
surf*

propulsor inlet mechanical flux, f ,®

Figure 3-5 shows Cp, for a range of D8 configurations having different design propul-
sive efficiency values. Each configuration has been optimized for minimum fuel burn at a
specified design fan pressure ratio using TASOPT. For comparison, Cp, calculated using
Equation (3.15) and the D8.2 (optimized BLI configuration) airframe D’ and fg @/ ... val-

ues is also shown. Since the airframe is optimized in TASOPT, improvements in propulsive
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Figure 3-5: D8 flow power coefficient Cp, versus propulsive efficiency 7, in BLI and non-
BLI configurations; symbols show TASOPT-optimized configurations, and dashed curves are
estimates based on the optimized BLI D8 airframe performance using the lumped parameter
mechanical energy analysis.

efficiency result in reduction in fuel weight and airframe drag. For this reason the slope of
Cp, Vs 1, is steeper for the TASOPT designs than for the curves based on fixed airframe
performance. The effect of propulsion system efficiency is also evident in the difference be-
tween the BLI and non-BLI designs: not only does the non-BLI configuration have a higher

wake dissipation, it also has increased overall airframe drag due to increased fuel weight.

3.2.2 Selection of Propulsive Efficiency

For a given thrust, propulsive efficiency increases with propulsor mass flow, but the lat-
ter can cost increased engine weight and external dissipation. The selection of propulsor
mass flow and propulsive efficiency for minimum fuel burn thus requires an optimization to
capture the tradeoffs between propulsive efficiency and engine size.

Figure 3-6a shows fuel burn as a function of propulsive efficiency for BLI and non-
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Figure 3-6: Payload Fuel Energy Intensity versus propulsive efficiency (left) and fan diame-
ter (right) for TASOPT-optimized BLI and non-BLI D8 configurations; minimum fuel burn
BLI design has higher propulsive efficiency than non-BLI design at approximately equal fan
diameter.

BLI D8 configurations optimized with TASOPT. The vertical axis is Payload Fuel Energy
Intensity (PFEI), defined as the fuel energy divided by the product of mission payload
and range [33]. Unlike Cp,, fuel burn does not decrease monotonically with increases in
propulsive efficiency. The propulsive efficiency for minimum fuel burn is higher in the BLI
configuration (78%) than in the non-BLI configuration (73%). To show the competing
effects of increased propulsive efficiency and increased engine size, Figure 3-6b shows PFEI
for the same configurations as a function of fan diameter. At the lower fan diameters,
the fuel burn decreases occur becuase of increasing propulsive efficiency. At the higher
fan diameters, the fuel burn increases occur because of increasing fan weight and external
nacelle dissipation. The minimum fuel burn design for the D8 mission in both BLI and
non-BLI configurations have approximately equal fan diameter (61 inches). Put another
way, the BLI propulsive efficiency benefit occurs at approximately equal propulsor mass
flows. In practice, therefore, the benefit of BLI is that it enables higher levels of propulsive

efficiency without increases in propulsor size.

3.2.3 Scaling for Experimental Assessment of BLI Benefit

The power balance analysis provides a framework for the scaling and interpretation of
measured performance for comparison of powered wind tunnel models. Experiments have

been carried out on BLI and non-BLI configurations of a scale model D8 with propulsor
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simulators at low Mach numbers (M = 0.1) [34]. Measured quantities include the electrical
power supplied to the propulsors (from which P, can be estimated [35]) and the force on
the model.

The purpose of the experiments is to measure the cruise BLI power saving between BLI
and non-BLI D8 configurations. The selection of the nozzle area will determine the net
force on the model for given propulsive power, and we impose the following constraints on

the design propulsor operating point and nozzle area:

1. The flow power, P, is measured in each configuration at the condition of zero net

streamwise force, X, on the model.
2. Nozzle areas are selected for specified 7, at the X = 0 condition in each configuration.

The first constraint represents a scaling of zero net streamwise force at cruise. The second
aims to preserve the full-scale PSC by using representative propulsive efficiency values at
model scale.

For an airframe with known aerodynamic performance, the configuration performance
can be estimated using the lumped parameter analysis. The coefficient of net streamwise
force on the model, Cx, can be estimated based on the difference between flow power
and total aircraft dissipation (including jet dissipation). Combining Equations (3.1), (3.2),
(3.11), (3.12), and (3.13), Cx can be expressed in terms of the airframe drag coeflicient
Cp, ingested drag fraction meCb,,’ non-dimensional jet velocity Viet/Veo, and normalized

jet area Ajet/Sref,

_Z(I)_PK__ ! ! Vjet V}et Ajet
CX — Voo - CD fBLICDp - 2 Voo Voo 1 Sref . (316)

Equation (3.7) can also be rearranged to express the propulsive efficiency 7, in terms of the
ingested wake dissipation fy;;Cg__  and the non-dimensional jet velocity and area, Ve /Veo

and Ajet / Sref ) L

Vie
=1 T}j +1 f BLI C‘/I’wake 3 17)
h=1- Vo _ 1 View (Vi 12A'et . (3.
Voo Ve (Ve = 1) B

Equations (3.16) and (3.17) give two equations for Viet/Voo, Ajet/Sref, Cx, and mp. The
nozzle area can thus be selected to provide a specified propulsive efficiency, 7, at Cx = 0.

Conversely, for given unpowered airframe performance, the performance of the powered
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Figure 3-7: D8 wind tunnel model flow power coefficient Cp,. vs propulsive efficiency ,;
experimental measurements (symbols) [34] differ from lumped parameter mechanical energy
analysis (solid and dashed curves) by approximately constant offset attrubted to propulsion
system dissipation.

models, Cx vs Cp,, can be estimated for a design BLI fraction and nozzle area.

Figure 3-7 shows the powered model, Cp,, as a function of propulsive efficiency, n,,
at C'x = 0, for BLI and non-BLI configurations. The curves solid and dashed curves
show estimated performance based on Equations (3.16) and (3.17). The airframe C7, is
based on measurements with the unpowered model [34]. The ingested surface and wake
dissipation was estimated from CFD calculations for this configuration [36]. The symbols
show experimentally measured Cp, and 7, at Cx = 0 in the non-BLI configuration (podded
propulsors) and in the integrated BLI configuration. Both configurations were tested with
three nozzle plugs yielding nozzle exit areas that span a range of propulsive efficiencies
representative of full-scale values.

There are differences between the measurements and estimates, and these are assumed to

be due to the dissipation associated with the propulsion system. An example is nacelle drag,
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which is not considered in the analysis. This difference, denoted as ACs,,,,, and AC(’I,pmp in
the BLI and non-BLI configurations, respectively, yields an approximately constant offset
in Cp, (~ 0.003) relative to the estimate based on the unpowered airframe performance.
For the largest nozzle area in the BLI configuration, Cp, is larger than for a configuration
with lower propulsive efficiency, indicating perhaps an increase in external flow dissipation
in this geometry and emphasizing the importance of integrated aerodynamic design for
these propulsion systems. The other designs behave in accord with the lumped parameter
analysis, with reductions in Cp, due to a small (~ 1% or less) wake dissipation reduction

and the major reduction associated with increased propulsive efficiency.

Equation (3.10) can also be modified to provide an estimate of BLI power savings
based on the unpowered airframe performance, the propulsive efficiency, and the additional

dissipation ACeg,,,, of each propulsor,

PSC =

Chy ~ Cri n;< b = JousCi e +A0@m) (3.18)

—1-2
},K Mp ChH+ ACh

prop

The term in parentheses in Equation (3.18) is close to unity, because fBLICCIDwake and the
difference between ACsg,,,, and ACy _  are both small (less than 2%) compared to Ch.
The dominant effect of BLI benefit is thus again shown to be the increase in propulsive

efficiency.

3.3 BLI Propulsor Performance

The above analysis describes BLI benefit as a reduced propulsive power requirement based
on the external aerodynamic performance of a BLI airframe. This section deals with the
performance of the propulsor internal flow, specifically (i) the implications of BLI on fan

pressure rise, and (ii) the impact of fan efficiency on engine sizing and fuel burn.

3.3.1 Fan Pressure Rise

An important performance metric for propulsors is the stagnation pressure rise. In the

incompressible limit, the stagnation pressure rise from propulsor inlet to exit is related to
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Figure 3-8: Propulsive efficiency versus propulsor stagnation pressure rise coefficient Ap; /oo
for body-propulsor configurations with different values of BLI fraction f,; increasing BLI
fraction increases propulsive efficiency for given propulsor stagnation pressure rise due to
reduced inlet mechanical energy flux and jet velocity.

the mechanical power added per unit mass flow,

P

Ap = —-— K . 3.19
©/p )

Figure 3-8 shows propulsive efficiency as a function of propulsor pressure rise normalized by
free stream dynamic pressure, Ap;/goo, for the body-propulsor configuration examined in
Section 3.1 (Figure 3-1). The different curves represent different BLI fractions. Increasing
BLI reduces the propulsor inlet stagnation pressure. For a given propulsor pressure rise,
therefore, the jet velocity decreases, and the propulsive efficiency increases. If the BLI
benefit is realized at fized propulsor mass flow, Equation (3.19) implies that the propulsor

pressure rise is lower in the BLI configuration, leading to an increase in propulsive efficiency.
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Fan Pressure Ratio

For compressible fan flow, the propulsor stagnation pressure rise is expressed as the fan

stagnation pressure ratio, FPR, which can be characterized in terms of the ingested dissi-
pation,

FPR= Dbt _ gy O

Dt,inl Dtoo — _m#lﬁ"_f

For a BLI propulsor, two competing effects modify FPR. The increase in propulsive efficiency

(3.20)

enables lower stagnation pressure rise for given airframe drag. However, the reduced fan
inlet stagnation pressure, reflected in the denominator of Equation (3.20), increases FPR for
a given Ap;/qoo. Figure 3-9 shows propulsive efficiency versus FPR for the D8 aircraft with
BLI and non-BLI configurations. Each point has been optimized for minimum fuel burn for
a specified FPR. BLI results in increased propulsive efficiency, and the minimum fuel burn
design with BLI has a lower FPR than the minimum fuel burn design without BLI. The
reduction in pressure rise at fixed mass flow due to a reduced flow power requirement (ie.,
the change in the numerator of Equation (3.20)) is therefore the dominant effect of BLI on
the selection of FPR for the D8 configuration. '

Fan Stage Characteristic

The propulsor sizing just described determines the requirements on the turbomachinery.
We can characerize the fan pressure rise in terms of turbomachinery parameters: stage flow

coefficient, ¢, and stagnation pressure rise coefficient, ¥,

Vz

¢= E, (3.21)
_Am
Yre = (3.22)

In Equations (3.21) and (3.22), V, is the axial velocity entering the stage, and U is the fan

tip velocity. Given design values of ¢ and ., and fan hub-to-tip radius ratio, we can define

fan stage mean-line velocity triangles and a stage pressure rise characteristic 9. (¢).
Equations (3.21) and (3.22) can be combined to relate ¢ and ... to airframe (Vo) and

turbomachinery (V) quantities.

A Ve \2
=t () (629
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Figure 3-9: Propulsive efficiency versus fan pressure ratio for TASOPT-optimized D8 BLI
and non-BLI configurations; minimum fuel burn BLI design has higher propulsive efficiency
and lower FPR than non-BLI design.

The axial fan face velocity V; is set by the fan face Mach number, and Equation (3.23)
can be regarded as a constraint on ¢, /#?. If the BLI benefit is realized at a fixed mass
flow, the reduction in propulsor pressure rise results in a reduction of ¥.../ ¢2. For fixed fan
face and tip Mach numbers, ¢ is constant, and BLI will thus result in a reduction in 9.
The parallel compressor arguments presented in Chapter 2 demontrate the importance of
characteristic slope, and in Chapters 4 and 6, we consider changes in fan stage design point

at fixed 1../¢?, representing a fixed propulsive power requirement.

3.3.2 Impact of Fan Efficiency on BLI Fuel Burn Benefit

A final consideration in the one-dimensional sizing of the propulsion system is the impact
of BLI on turbomachinery performance, and thus fuel consumption. Loss mechanisms spe-
cific to BLI inlet distortions, and potential strategies for their mitigation, are addressed

in Chapters 4 through 6. From parallel compressor considerations (Chapter 2), however,
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Figure 3-10: Fuel power saving versus cruise fan efficiency for TASOPT-optimized configu-
rations with different assumptions about fan efficiency with BLI; fuel burn increases 0.8%
per 1% decrease in cruise fan efficiency.

a conservative esimate is to assume that BLI distortion results in decreased fan efficiency.
Peak fan efficiency has been found to decrease by 1-2% for contemporary high bypass tur-
bofans [5] [32]. Decreases in fan efficiency directly affect the BLI benefit because increased

shaft power is required to produce a given P,.

The inlet distortion fuel burn penalty with BLI has been estimated by defining TASOPT-
optimized configurations as a function of fan efficiency. The fan maps used in this assessment
are based on the performance of the E3 fan stage, scaled for a given design mass flow,

pressure rise, and peak polytropic efficiency as described in the TASOPT documentation [3].

Figure 3-10 shows BLI fuel savings relative to an optimized non-BLI configuration as
a function of cruise fan efficiency. The vertical axis is the fuel power savings, equal to the
difference in mission fuel burn (or PFEI) between BLI and non-BLI designs normalized by
the non-BLI fuel burn. The two lines represent different assumptions about the behavior of

off-design fan efficiency: (1)...(2)...Each point represents an optimized configuration for
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L Case I (Nf)max dfan (in) (Mf)cruise  PFEI (KJ/kg-km) (PSC)fueﬂ

Podded | 0.93 58.5 0.911 5.0775 -
A| 093 58.6 0.911 4.3484 14.4%
B | 0915 58.6 0.896 4.4047 13.3%
C| 0915 58.5 0.877 44771 11.8%

Table 3.2: Fan design parameters and resulting configuration performance for various as-
sumptions about fan efficiency behavior

specified peak fan efficiency and off-design efficiency map. The relation between mission
fuel burn and fan efficiency at cruise is not sensitive to fan efficiency at other points in the
mission. The mission fuel burn increases by approximately 0.8% for each point decrease in

cruise fan efficiency.

Table 3.2 lists fan design and performance parameters for three different points in Figure
3-10. Case A represents a case in which the fan has no increased losses with BLI relative to
the podded configuration, resulting in a fuel savings of 14.4%. Case B assumes a decrease
in peak fan efficiency from 93% to 91.5%, giving a fuel savings of 13.3%. Case C also has a
peak efficiency of 91.5%, but assumes increased losses away from peak efficiency, giving a

fuel savings of 11.8%.

To give insight into the behavior of fan size and fuel burn with changes in fan per-
formance, we consider the fan performance over the mission flight envelope for different
fan efficiencies, as in Figure 3-11, which shows the fan efficiency maps for Cases A and C.
Contours of constant efficiency are shown, with fan pressure ratio on the vertical axis and
corrected fan mass flow on the horizontal axis. Comparison of the two graphs illustrates
the differences in peak efficiency and off-design losses. The fan operating points for takeoff,
climb, cruise, and descent are also shown. The only appreciable difference between the two
cases is the reduced mass flow and pressure ratio at top of climb for Case C. This is due
to the mission envelope optimization in TASOPT, leading to reduced climb angle at top of
climb, rather than a larger fan, to minimize total mission fuel burn. Fan size is not sensitive
to the efficiency at top of climb, as evidenced by the constant fan diameter over the range

of cases in Table 3.2, and the fuel burn is set by the cruise fan efficiency, as in Figure 3-10.
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accommodate decreases in off-design fan efficiency without adversely affecting mission fuel
burn.
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3.4 Summary

Using a power balance methodology, aircraft BLI benefit has been quantified in terms of the
performance of the vehicle to be propelled and the sizing of the propulsor. Analysis of the
power saving coefficient shows the benefit results from two physical mechanisms. The first is
the reduction in wake dissipation of the ingested boundary layer. The second is the increase
in propulsive efficiency for a given propulsive power, enabled by reduced mechanical energy
flux at the propulsor inlet. The latter is the dominant contribution to fuel savings.

For a given aircraft, the magnitude of the BLI benefit depends on propulsor size. Op-
timizations of BLI and non-BLI configurations for similar missions carried out here yield
a physical fan size that is almost unchanged, and the benefit of BLI is to enable higher
propulsive efficiency without increased propulsor size.

The design of BLI and non-BLI propulsors for powered wind tunnel models have been
informed by the analysis of BLI benefit and optimized configuration propulsion system siz-
ing. Experiments to determine the mechanical flow power required at a simulated cruise
condition (zero net streamwise force) with nozzle areas that produced a range of represen-
tative propulsive efficiencies in both BLI and non-BLI configurations have been carried out.
The experimental results for changes in propulsive efficiency and BLI are consistent with
the analysis, confirming the propulsive efficiency benefit of BLI and the utility of the power
balance method.

The analysis shows substantial fuel burn benefit even with potential fan efficiency deficits
due to BLI. Further, the optimal propulsor sizing is not sensitive to fan efficiency, so the
aerodynamic benefits described can be treated independently of the internal propulsor per-

formance.
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Chapter 4

Two-Dimensional Circumferential

Distortion Analysis

In this chapter, we consider the behavior of quasi-two-dimensional flow through a fan stage
section with inlet circumferential stagnation pressure distortion. The assumption made
is small amplitude circumferential perturbations in the geometry and flow quantities so
that a linearized treatment can be used, and the turbomachinery rows are represented by
actuator disks. The analysis allows us to assess the impact of inlet distortion on fan stage
performance as a function of the design parameters of the blading and the installation.
Determination of the sensitivity of the fan distortion response in turn gives insight into

strategies to mitigate the effect of BLI on fan efficiency.

4.1 Flow Description

We consider an annular domain with constant mean radius, as in Figure 4-1a. If the annulus
height is small compared to the mean radius, radial accelerations can be ignored, and a
radially-averaged two-dimensional analysis can be used to described the fluid motion in the
“unrolled” flowpath geometry in Figure 4-1b. The resulting two-dimensional computational
domain is shown in Figure 4-1c. The turbomachinery blading is modeled using actuator
disks that produce discontinuities in circumferential velocity and stagnation pressure at a
given location as a function of the local flow. This type of analysis has been used effectively
to describe the distortion response of compressors with high hub-to-tip ratio [21].

The linearized description of the two-dimensional flow field has perturbations in velocity
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Figure 4-1: Model flow geometry: annular flow path (top left), “unrolled” geometry (top
right) with axial and circumferential variations in passage height, and two-dimensional
computational domain with rotor and stator actuator disks (bottom).

and stagnation pressure, represented with primes, about an axisymmetric mean flow,

u(z,y) = U(z) + o' (z,y), (4.1)
v(z,y) = V(z) +v'(z,y), (4.2)
pt(ma y) = H(CL‘) +p;($1y)1 (43)

where u', v’ < U and p, < pU?. The flowpath geometry (annulus height) is also expressed

in terms of an axisymmetric mean and a small non-axisymmetric perturbation,

hz,y) = H(z) + ¥ (2,y), (4.4)

where b/ <« H.

The flow outside the actuator disks is taken as incompressible and inviscid. The equa-
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tions of motion, derived in Appendix A, can be expressed separately for the mean flow and

perturbation quantities. The equations for the mean flow are:

%UHD=Q (4.5)
;%HW):Q (4.6)
%%:a (4.7)

The equations for the perturbation flow are:

Q'“_'__lid_H_@ﬁ_ _[{8_”+Y_8_M+h_’£[_]_ (4.8)
9z = "Hdx Oy HOz HOy Hdz)’ '
o' ou 1 Op,

9p;, _ _V op,

Equation (4.8) is equivalent to the continuity equation. Equations (4.9) and (4.10) are
equivalent to the momentum equations, expressed in terms of stagnation pressure rather
than static pressure to simplify the calculation procedure. The flow is circumferentially
periodic, and we represent perturbation quantities and their derivatives with respect to
y with a complex Fourier coefficient. Equations (4.8)-(4.10) thus yield a system of one-
dimensional ordinary differential equations which can be solved numerically. These are

given in Appendix A.

The rotor and stator actuator disks represent the effect of the turbomachinery by pro-
ducing a change in relative flow angle at constant axial velocity (i.e., constant mass flow
across the disk). The rotor exit flow angle is determined from the stage stagnation ethalpy

rise coefficient, 1, and flow coefficient ¢,

v-QR 1-1
u ¢

tan fy =

(4.11)

The rotor stagnation pressure rise is determined as a function of the change in circum-
ferential velocity using the Euler turbine equation and neglecting rotor losses. The stator
actuator disk turns the flow to a specified stage exit flow angle at constant axial velocity

and stagnation pressure.
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Solution of Equations (4.8)-(4.10) requires three boundary conditions. At the inlet, far
upstream of the rotor, a stagnation pressure perturbation is specified, with zero circumfer-

ential velocity,

Phim = 0peime”, (4.12)
Vi = 0. (4.13)

At the nozzle exit, We assume uniform static pressure. Equation (4.9) can be expressed
in terms of static pressure so the exit boundary conditions can be expressed in terms of

circumferential velocity:

1 apfaut av:)ut
- = =0. 4.14
pU out 8y Oz ( )

The numerical flow field solution is described in Appendix A. Equations (4.8)-(4.10)
are integrated numerically from the domain inlet to exit given the inlet conditions (4.12),
(4.13), as a function of inlet axial velocity perturbation u{ ;. This yields a flow field solution
with a residual R for the exit boundary condition (4.14),

/
a’Uout

7?’(u’;nl) = oz

(4.15)

Equation (4.15) is solved numerically for R = 0, yielding the inlet velocity ul; and a
resulting flow field that satisfies Equation (4.14).

4.2 Circumferential Distortion Response

Computations of the distortion flow field as a function of design point stangation enthalpy
rise coefficient and flow coefficient, axial spacing between the rotor, stator, and nozzle exit,
and flowpath geometry have been carried out. In this section, we examine the flow field for
the simplified case with constant annulus height, k, and no axial space between the rotor
and stator actuator disks, L, o = 0, which can be solved analytically. The resulting flow
field exhibits upstream redistribution and distortion transfer behavior that are qualitatively

similar for other two- and three-dimensional geometries.

62



4.2.1 Flow Field Behavior

Figure 4-2 shows circumferential distributions of perturbation stagnation pressure, static
pressure, axial velocity, and tangential velocity, at locations far upstream, and at the ro-
tor and stator actuator disk inlets. The stagnation pressure perturbation is convected
unchanged along axial streamlines upstream of the rotor. Interaction between the inlet dis-
tortion and fan creates a static pressure perturbation upstream of the rotor that attenuates
the axial velocity perturbation, and that results in upstream flow redistribution ang gener-
ation of a circumferential velocity perturbation entering the rotor. The rotor actuator disk
reacts to the inlet velocities to produce larger turning and pressure rise in the low stagna-
tion pressure region, consistent with compressor pressure rise characteristics, reducing the
magnitude of the stagnation pressure distortion downstream of the rotor.

Downstream of the rotor, the non-dimensional stagnation pressure and axial velocity
distributions are equal, to satisfy the stator exit condition of constant static pressure. The
tangential velocity perturbation is in phase with the axial velocity pertubation, satisfying
the rotor actuator disk exit angle, 82. For the design point considered here, this results in

an amplification of the tangential velocity perturbation across the rotor.

4.2.2 Blade Row Performance

The analysis provides flow field quantities at the rotor and stator actuator disk locations
that we can use to estimate the impact of distortion on propulsor performance. The velocity
components immediately upstream of each actuator disk yield the perturbations in the blade

relative inlet angles as a function of the stage design,

—0 1 (11— QR
BiL=P1 + B =tan" (IT—) (4.16)
a3 = a3’ + ofy = tan™! (Z—i) (4.17)

In a real flow through turbomachinery blading, losses (which are not included in this anal-
ysis) increase with perturbations in inlet flow angle because parts of the blade row are
operating at off-design conditions (i.e. away from minimum-loss incidence).

Figure 4-3 shows the rotor and stator inlet angle perturbations for the flow field of

Figure 4-2. The vertical axes are the rotor and stator inlet angle perturbations normalized
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Figure 4-2: Circumferential distributions of perturbation stagnation pressure (top left),
static pressure (top right), axial velocity (bottom left), and circumferential velocity (bottom
right), stagnation pressure, and static pressure, normalized by the inlet stagnation pressure
distortion magnitude; the analysis captures upstream axial velocity distortion attenuation,
swirl generation, and rotor distortion transfer.

by the magnitude of the inlet stagnation pressure distortion,

; ¢* 1 u) ‘Ui)
_ e Wi ) 4.18
ﬁl 1 + ¢2 ﬁb []—1 + Ul ] ( )
¢)2 H3 H3 ¢ 'U,g ’Ué
I e i g N O 4.19
% H U, U ()

o+ (1) v

For the case considered here, the rotor incidence perturbation is approximately in phase

with the rotor axial velocity distortion, and the stator incidence distortion is approximately

three times as large as in the rotor.
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Figure 4-3: Circumferential distributions of inlet flow angle perturbations for rotor (left)
and stator (right)

4.3 Sensitivity of Performance to Design Parameters

In this section, we assess stage performance for a range of different propulsor design param-
eters: stage stagnation enthalpy rise and flow coeflicients, axial spacing between rotor and

stator, and flowpath geometry.

4.3.1 Design Point Loading and Flow Coefficient

The design point flow coeflicient ¢ and stagnation enthalpy rise coefficient 1) determine the
stage velocity triangles and stagnation enthalpy rise characteristic ¥(¢). Figure 4-4 shows
five (¢, 1) design points and the resulting ideal stagnation enthalpy rise characteristics. The
design points represent a baseline similar to the tip section of the fan considered in the next
chapter (¢ = 0.47, ¢ = 0.24) and changes of +20% in stagnation enthalpy rise at fixed ¢
and fixed 10/¢?. The former represents changes in the local blade geometry at fixed wheel
speed, and the latter represents changes in both wheel speed and blade geometry at a fixed
thrust. The enthalpy rise characteristics (dashed lines), show how changes in the design
point velocity triangles change the characteristic slope, with steeper slopes for lower values
of ¢ and .

Figure 4-5 shows rotor and stator incidence distortions for zero axial rotor-stator spacing
(Lgs = 0) and constant annulus height h. The vertical axis is the stagnation enthalpy
rise coefficient 1 and the horizontal axis is the flow coefficient ¢. Contours of constant

561/ (6peim/(pU?)) and g/ (3peim/(pU?)) are shown. The design points of Figure 4-4 are

65



Aht/(p(QR)?)

Stagnation enthalpy rise coefficient ¢

0.3 0.4 0.5 0.6
Flow coefficient ¢ = V,./(2R)

Figure 4-4: Two-dimensional stage (¢,1) design points (symbols), stagnation enthalpy
rise characteristics (diagonal lines), and constant ¢/¢? propulsive power requirement (gray
parabola).

also shown. The rotor inlet angle perturbation decreases for steeper characteristic slopes,
indicating the axial velocity attenuation has a larger impact than the upstream swirl. The
stator inlet angle perturbation can be an order of magnitude larger than the rotor, depending
on the stage design point. Perturbations in swirl velocity have a larger impact on flow angle
distortions for lower stage stagnation enthalpy rise, where the mean stator inlet flow angle
is lower, and the stator incidence distortion increases with decreases in stage loading within

the range of representative designs.

4.3.2 Distortion-Component Interactions with Axisymmetric Installation
Rotor-Stator Interaction

Figure 4-6 shows the blade row performance in the same representation as Figure 4-5,
but with increased rotor-stator axial space, L, o = 2rR. The behavior in rotor incidence

distortion is qualitatively similar to the L, = 0 case, with increases of 35-70% as the
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Figure 4-6: Rotor (left) and stator (right) incidence distortion versus stage flow coefficient
¢ and enthalpy rise coefficient ¢ for L, ; = 2R and constant flow path area

spacing is increased. Increasing the axial spacing reduces the stator incidence distortion by

up to 95% relative to the close-spaced case at lower loadings.

Figure 4-7 shows the variation in incidence distortion as a function of rotor-stator spac-
ing for the five representative design points in Figures 4-5 and 4-6. For L, < 2R, the
distortions in both blade rows change monotonically with L, ;. Minimum rotor incidence
distortion occurs at L, ; = 0 and stator incidence distortion decreases with increasing rotor-
stator axial distance. The incidence distortion behavior with respect to axial spacing is not
sensitive to the stage design point velocity triangles, and the variations are strongest in the

stator. For L, o &~ 3R, the stator is sufficiently far downstream that the two blade rows do
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Figure 4-7: Rotor (left) and stator (right) incidence distortion versus axial rotor-stator
spacing for representative (¢, 1) design points

not interact, so increasing the spacing further does not affect conditions at either.

Axisymmetric Flowpath Area Variations

The sensitivity analysis has been carried out so far at fized flow path area. Figure 4-8
shows blade row incidence distortion for a stage with a downstream nozzle, as a function of
nozzle area ratio and nozzle length. The incidence distortion in both blade rows decreases
for increasing |dh/dx| whether from increased nozzle area ratio or decreased nozzle length.
This is in qualitative agreement with parallel compressor theory, which predicts that a
favorable static pressure perturbation at the stator exit moves the operating points of the
two parallel streams closer together on the compressor characteristic, reducing the stage
velocity distortion. As the nozzle length is increased, the interaction between the nozzle

and the stator becomes weaker, and the velocity distortions increase.

4.3.3 Non-Axisymmetric Geometry and Flowpath Effects

Circumferential variations in geometry can potentially be used to generate perturbations
in the static pressure field to reduce the blade row inlet flow angle distortions. Here we
consider two strategies: non-axisymmetric stator exit flow angle and non-axisymmetric

flowpath geometry.
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Figure 4-8: Rotor (left) and stator (right) incidence distortion versus downstream nozzle
area ratio and axial length; ¢ =0.47, ¢ =0.24, L, , =0

Non-axisymmetric Stator Exit Flow Angle

Figure 4-9 shows blade row incidence distortion for the baseline stage design (¢ = 0.47,
¥ =0.24, L, = 0, h = constant) with circumferential perturbations in the stator exit angle

distribution, about a mean exit angle of zero,
oy = bage0=%d), (4.20)

The horizontal axis is the magnitude of the exit angle perturbation normalized by the up-
stream stagnation pressure perturbation magnitude, dau/(6psin/(pU?)). The vertical axis
is the difference in phase ,, between the perturbations in stator exit angle and the far
upstream inlet stagnation pressure. The contours of inlet flow angle perturbations show
non-axisymmetric stator angle variations, magnitude and phase, that minimize incidence
distortion for each blade row. For the design point considered, the stator distortion is
minimized for a stator angle perturbation approximately 180° out of phase with the inlet
stagnation pressure distortion. The rotor distortion is minimized for a stator angle pertur-
bation approximately 270° out of phase with the upstream stagnation pressure distortion
and twice the angle perturbation magnitude relative to the design for minimum stator inci-

cence. Each design effectively eliminates incidence distortion for either the rotor or stator.

For constant annulus height downstream of the stator, an exit angle perturbation yields
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a static pressure perturbation with 90° difference in phase,

0pa_ip i(Boy +Z

il — §auyet(0aati). 4.21
‘The non-axisymmetric stator geometry with 6,, thus provides a back pressure perturbation
in phase with the upstream stagnation pressure perturbation and minimizes non-uniformity

in the rotor.

Non-axisymmetric Flowpath Geometry

A non-axisymmetric pressure field can also be generated with a circumferentially non-
uniform downstream annulus height. Figure 4-10 shows rotor and stator incidence distortion
for the baseline mean stage geometry with linearly increasing annulus height perturbation

for a distance z, — x4 = R/2 downstream of the stator,

(&, y) = Sh——L H0=0n), 4.2
W(e,y) = Sh e (4.22)

The horizontal axis in Figure 4-10 is the nozzle exit height perturbation 6h/Hy, and the
vertical axis is the phase @), relative to the upstream stagnation pressure distortion. Because
the perturbation pressure field is strongest farther downstream, the non-axisymmetric nozzle
gives a smaller reduction in blade row incidence distortion than that due to the stator exit

flow angle. Although the behavior as dh increases suggests solutions that provide minimum
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Figure 4-10: Rotor (a) and stator (b) incidence distortion versus nozzle exit height pertur-
bation phase and magnitude

distortion in each blade row, similar to the behavior with stator exit angle perturbations,
these geometries violate the assumption of small perturbations (h < H) and may not even

be realizable (h < H).

4.3.4 Discussion

The numerical results show changes in blade row incidence distortion, which we consider as
a surrogate for blade row losses, for changes in different fan stage geometries. Based on the
incidence distortion sensitivities, we can identify propulsor design attributes that have the
potential to mitigate the effect of BLI on fan stage efficiency.

The rotor performance is found to be qualitatively described by parallel compressor
theory, with steeper stage characteristic slopes producing stronger distortion attenuation,
more uniform flow, at the rotor inlet. The stator inlet angle perturbations depend strongly
on the axial spacing between the rotor and the stator. The estimated flow angle distortions
may be as high as 25° in the stator and 6° in the rotor with BLI for a representative fan
stage tip section.

Performance of both blade rows improves with increasing streamtube contraction rate.
For a given propulsor design, however, the nozzle area ratio is constrained by the propul-
sive power and propulsive efficiency of the configuration, and short axial length is desirable
to reduce external nacelle drag, leaving little flexibility to alter the overall area contrac-
tion ratio. We will see that for three-dimensional flows, variations in the radial loading

distribution will lead to variations in local streamtube area contraction. This introduces
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another potential tradeoff in the design, with an increase in local design point loading lead-
ing to a favorable increase in the local streamtube contraction, at the cost of less favorable

characteristic slope.

We have illustrated the effects of non-azisymmetric design with two examples showing
performance with non-axisymmetric stator exit angle distributions and non-axisymmetric
nozzle flowpath geometries. Non-axisymmetric stators could be used to generate a stator
exit static pressure distribution that results in favorable flow conditions at the rotor or stator
inlet; circumferential variations in stator geometry are already in use to deal with different
types of circumferential distortions. One can envision a stator geometry that produces
a favorable reduction in rotor inlet angle perturbations via non-axisymmetric exit angle
distribution, and a leading edge metal angle distribution designed to accept the expected

perturbation in stator inlet flow angle.

Perturbation pressure fields were obtained with a non-axisymmetric flow path geometry
downstream of the stator. To achieve similar reductions in rotor and stator incidence as
with stator angle variations, however, perturbations in annulus geometry approaching the
average annulus height are required. Perturbations in stator exit angle are thus more effec-
tive than the nonaxisymmetric flowpath geometry considered at producing static pressure
perturbations at the blade rows, due to the axial distance between the stator and the maxi-
mum annulus height perturbation. This difficulty is increased for three-dimensional flow in
low hub-to-tip ratio fan stages, where perturbations in end wall geometry have less effect

on the flow away from the wall.

The results of the analysis show the important distortion-component mechanisms for
two-dimensional circumferential distortion response and the impact of changes in stage
design parameters on flow non-uniformity. In Chapter 5, we will see the same qualitative
mechanisms are present, but we will also see that a three-dimensional analysis is required
to capture their quantitative effect on conditions at the blade rows. In Chapter 6, we
investigate the impact of stage design point, radial loading distribution, rotor-stator spacing,
and non-axisymmetric stator geometry on three-dimensional fan stage performance with

inlet distortion.
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4.4 Summary

A two-dimensional linearized analysis has been developed to analyze the sensitivity of
propulsor circumferential distortion response to fan stage turbomachinery design and in-
stallation. The analysis includes three-dimensional variations in flow path geometry and
represents the turbomachinery with rotor and stator actuator disks. The analysis shows
features of the upstream redistribution of the flow, including axial velocity attenuation and
swirl generation, distortion transfer across the rotor based on the actuator disk pressure
rise characteristic and local flow conditions, and distortion attenuation due with a down-
stream nozzle. Perturbations in relative inlet flow angle at the rotor and stator locations are
determined and used as a surrogate for potentially increased blade losses with distortion.
The results of the analysis show the sensitivity of rotor and stator incidence distortion
to changes in propulsor design parameters (design point velocity triangles, axial spacing
between the rotor and stator, and annular flow path geometry) and to nonaxisymmetric
installation features (stator exit flow angle and annulus height). Design attributes that
provide favorable velocity distributions with inlet distortion have been identified. The
effectiveness of these design attributes for three-dimensional, low hub-to-tip ratio fan stage

geometries is assessed in Chapter 6.
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Chapter 5

Three-Dimensional Fan Stage

Distortion Response Analysis

This chapter describes a three-dimensional analysis of turbomachinery blade row response to
inlet distortion. The blading is approximated as momentum and energy source distributions
that represent the bladed flow field in a pitchwise-averaged sense. This approximation,
namely the assumption that the distortion length scale is large compared to the blade pitch,
allows full-wheel flow field calculations at greatly reduced computational cost compared to
unsteady calculations that resolve the unsteady flow through individual blade passages.
The source term distributions are defined based on a specified blade camber surface
geometry. The combination of reduced computational cost with parametrically defined
blading geometry makes the model appropriate for determining the sensitivity of fan distor-
tion response to stage design, where many different geometries are considered. Comparison
of the results with higher fidelity computations shows the flow description is appropriate

for the problem of interest.

5.1 Turbomachinery Source Term Model

The basic concept that underpins the analysis is illustrated schematically in Figure 5-1.
The blading geometry is replaced with an axisymmetric volume covering the meridional
extent of the blade. Within this volume, momentum and energy source term distributions
generate flow turning, pressure rise, and temperature rise representative of that produced

by the actual geometry. The absence of blades allows for a coarser computational mesh
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Figure 5-1: Three-dimensional blading geometry represented as a continuous distribution
of momentum and energy source terms within the blade row swept volume

than required to resolve the blading geometry. Unsteady effects are ignored, based on the

low reduced frequency of the BLI distortions considered.

5.1.1 Approximate Flow Description

The effect of the blading is captured in a pitchwise-averaged sense, as illustrated for a two-
dimensional cascade flow in Figure 5-2. Details of the blade-to-blade flow, such as blade
surface pressure coefficient distribution, are not captured. For uniform inlet flow conditions,
the source distribution generates an axisymmetric flow field equivalent to the circumferential
average of the actual flow. In this context, the momentum source distribution can be seen
as the local blade force distributed uniformly across the width of a blade passage. Similarly,
the energy source distribution represents blade work, which is related to the circumferential
blade force in rotating blade rows.

For non-azisymmetric flows, as encountered with BLI, the source term distributions are
circumferentially non-uniform and act on the incoming flow to generate a non-axisymmetric
flow downstream of a given blade row. As described in the next section, the momentum
and energy source terms are determined as a function of local flow conditions, neglecting
gradients in the circumferential direction, i.e., we assume the flow is locally azisymmelric.

This assumption is appropriate if the characteristic length scale of the circumferential dis-
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Figure 5-2: Comparison of two-dimensional cascade flow to equivalent model flow with
source term distribution

tortion is much larger than the blade pitch, as is the case for ideal BLI inlet distortions
with little streamwise vorticity. For example, the fan geometry considered in this chapter
has 22 blades, yielding a ratio of pitch to distortion length scale (i.e., wheel circumference)

of appoximately 0.05 for a once-per-revolution distortion at the fan tip section.

A related consequence of the long circumferential distortion length scale is that un-
steadiness in the blade-relative frame can be neglected. The importance of unsteady effects
is implied by the reduced frequency /3, which relates the time scales of the flow unsteadi-
ness and the passage throughflow. For the first harmonic of a once-per-revolution fan inlet

distortion, [ can be expressed in terms of flow coeflicient ¢ and rotor geometry,

. cz/Ve _ (cos&)(1 —ri/To)

T/ 2rpAR (5-1)

where £ is the blade stagger, r;/r, is the blade hub-to-tip ratio, and AR is the blade aspect
ratio. For the fan stage geometries examined in this thesis, 5 < 0.1. Comarison of solutions
from a momentum and energy source distribution analysis and from full-wheel unsteady
calculations has shown the distortion response to be well represented by a quasi-steady flow

description [27].
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5.1.2 Governing Equations

For steady, inviscid flow, the local momentum and energy source terms are represented in
the equations of motion as a body force per unit mass f and an energy addition rate per

unit mass é€,

V. (pV) =0, (5.2)
V.VV + %Vp = f, (5.3)
V. Vh=V. .f+é (5.4)

Equations (5.3) and (5.4) show that source terms contribute to local gradients in velocity,
pressure, and stagnation enthalpy. Equations (5.2) and (5.3) are sufficient to fully describe
an incompressible flow field, but we consider the general compressible case including Equa-
tion (5.4) to examine the relationship between the source terms and the thermodynamic
quantities of stagnation enthalpy and entropy, which correspond to work done and losses
within the flow, respectively.

Equations (5.3) and (5.4) can be combined with the differential form of the Gibbs
equation,

1
TVs = Vh — ;Vp, (5.5)

to show the relationship between the energy source, é, and the local entropy gradient,
ée=TV -Vs. (5.6)

Equation (5.6) is a general statement for flow described by Equations (5.2)-(5.4), and é can
be considered as an entropy source associated with irreversible losses in adiabatic flow.

Stagnation enthalpy gradients are generated by the action of the blade force in ro-
tating blade rows. The rothalpy, I; = h; — (Qr)Vj, is constant along a streamline (i.e.,
V - VI; = 0), so the stagnation enthalpy change is related to the change in circumferential
velocity,

V - Vh = QV - V(rVp). (5.7)

For quasi-axisymmetric flow, changes in circulation rVj along a streamline can only be pro-

duced by a circumferential body force. The stagnation enthapy gradient is thus a function
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of the circumferential component fy of the momentum source term,
V - Vhy = f- ()0 = fo(Or). (5.8)

Equation (5.8) can be thought of as the differential form of the Euler turbine equation for
the model flow. The relationship between stagnation enthalpy and the momentum source
is consistent with the view of f as a pitchwise distribution of the local blade force in that
the work done by the blade, and the resulting increase in stagnation enthalpy, is equal to
the dot product of the blade force and the blade velocity.

Equations (5.4), (5.6), and (5.8) can be combined to given an expression relating the

relative velocity W = V — (Qr), the momentum source f, and the entropy source é€,
W . f=-Wfi=é6=TV -Vs. . (5.9)

Equations (5.8) and (5.9) show that it is useful to characterize the momentum source in
terms of components parallel and normal to the relative flow direction. Entropy generation
due to viscous losses is represented with a parallel force f;, acting opposite the direction of
the flow, and an energy source é, according to Equation (5.9). The component f, is normal

to the relative flow direction and generates reversible flow turning.

5.2 Blade Camber Surface Loading Model

In the present formulation, the source term distribution is represented as a function of
a specified three-dimensional blade camber surface geometry and the local fiow conditions
within the blade row. Decomposition of the momentum source distribution into flow-normal
and flow-parallel components allows definition of separate blade loading and blade loss mod-
els. We have not included losses in the current description because the distortion interac-
tions of interest occur near design are not strongly affected by blade row losses. Insteady,
we use computed blade loading parameters (e.g., diffusion factor) as surrogates to pro-
vide estimates of efficiency variations resulting from distortion. The source representation,
therefore, consists of a flow-normal momentum source distribution representing the local
pressure difference across the blade.

The geometry of the blade camber surface, relative low velocity, and momentum source
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Figure 5-3: Geometric description of local blade camber surface, relative velocity, and
resulting flow-normal momentum source; the blade camber surface normal 7, the relative
velocity W, and the momentum source f all lie on the common two-dimensional plane

shown on the right

is shown in Figure 5-3. The camber surface geometry is characterized by a normal vector
7(z, 7). The velocity in the blade-relative frame W is decomposed into components normal
and tangent to the blade surface, W, and W, respectively. The momentum source f is
constructed such that it acts to reduce the local deviation angle, J, between the velocity
vector and the camber surface. The momentum source acts normal to the flow in the 7
plane, where f is the unit vector in the direction of the blade-tangent velocity W;.

The magnitude of f is determined by equating the local momentum source to a blade
loading force per unit mass, which scales with local deviation angle, dynamic pressure, and

blade surface area, distributed over the local blade pitch s,*

1
[fg|”

1
|| = 2méW?2= (5.10)
s
The constant 27 in Equation (5.10) ensures the correct ¢y = 2mé behavior in the limiting
case of a two-dimensional, isolated (s/c — o0), flat plate airfoil. In the other limit, as
s/c — 0, the flow is everywhere tangent (§ = 0) to the blade camber surface.
The local momentum source vector is described by the expression for loading in Equation

(5.10), the geometric orientation of the blade surface, the relative velocity, and the flow-

*This formulation is similar to the swirl evolution implemented in MTFLOW ([37].
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normal momentum source in Figure 5-3. The energy source ¢ is zero in the present analysis,
so there is no entropy generation within the blade rows. In the numerical solution, f is
determined as a function of the local flow conditions, and both the flow field and the source
distribution are calculated iteratively as the simulation converges to a solution that satisfies

the equations of motion including the momentum source distribution.

5.3 Assessment of the Source Distribution Representation

In this section, we demonstrate the capabilities of the source distribution representation for
several turbomachinery test flows. For axisymmetric flow, we show there is good agreement
with higher-fidelity solutions for cascade and fan geometries. For nonaxisymmetric flow the
three-dimensional flow redistribution observed in full-wheel unsteady distortion response

calculations is shown to be captured [5].

5.3.1 Two-Dimensional Cascades with Uniform Inlet Conditions

For a two-dimensional cascade with uniform inlet conditions, the equations of motion for
the equivalent source distribution flow with reduces to a system of one-dimensional ordinary
differential equations. These can be numerically integrated for a given geometry to yield the
axial distribution of pitchwise-average flow through the stage. The accuracy of the source
distribution analysis is assessed by comparing the results with two-dimensional flow using
the MISES cascade solver [38].

Figure 5-4 shows calculated blade loadings, in terms of static pressure rise normalized
by inlet dynamic pressure Ap/q, over a range of incidence angles for geometries representing
various fan stage sections.! The curves show the results of the source term analysis, and
the symbols show the results from MISES solutions. There is good agreement between the
source term model analysis and the MISES computations. The discrepancies between the
two methods are largest for the rotor hub geometry, where solidity is largest and the source
term analysis underestimates the deviation, leading to increased Ap/q. More importantly,
however, the model captures the correct behavior in blade loading with changes in incidence

angle for representative fan stage camberline geometries.

tThe cascade geometries were designed in MISES to produce stagnation enthalpy rise and flow coefficients
representative of rotor and stator sections for a fan similar to the R4 fan considered in the next section.
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Figure 5-4: Calculated cascade static pressure rise vs incidence for geometries representative
of fan stage rotor and stator blade sections, MISES versus source term analysis

5.3.2 NASA R4 Fan Stage

To assesssf the source term analysis in three-dimensional flow, we examine the NASA R4
fan stage. This fan was chosen because its design pressure ratio (1.47) and hub-to-tip
ratio (0.3) are representative of contemporary fan stages, and its performance is available
in the open literature [39]. The performance has also been successfully analyzed using
a source distribution representation similar to that considered here [26]. Comparison of
the axisymmetric form of the analysis with single passage RANS calculations provides an
assessment of the analysis for radially varying geometries. Examination of the behavior with
inlet distortion gives evidence that the analysis captures the relevant flow redistribution and
distortion transfer.

Figure 5-5 shows the meridional flowpath geometry used of the R4. The stagnation
pressure distribution is specified at an inlet boundary one fan diameter upstream of the
stage. A constant radius slip-wall casing is used between the inlet location and the fan
casing inlet location. Within the swept volume of the rotor and stator, there area source
distributions based on the blade camber surface. Rotor and stator inlet and exit planes for
flow field and blade row performance assessment are defined at axial locations one quarter

rotor chord from the leading and trailing edges of both blade rows.

Fan Rotor Throughflow with Uniform Inlet Conditions

Results are shown for uniform inlet flow and a rotor-only geometry at 50% design speed,

where the flow is subsonic. The flow with source distributions was calculated on a 1.3
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Figure 5-5: NASA R4 fan stage meridional flow path geometry and boundary conditions

million node three-dimensional axisymmetric grid with a circumferential extent of 90°, and
the single passage flow was calculated on a two million node grid. Both flows were computed
using the ANSYS CFX steady RANS solver with shear stress transport turbulence model
with extended wall functions and y+ < 10.}

Figure 5-6 shows calculated fan stage stagnation enthalpy rise coefficient versus flow
coefficient for the single passage and source distribution solutions. The source term analysis
overpredicts the stagnation pressure rise because no losses are included, but the behavior
in flow turning and enthalpy rise is well captured. The enthalpy rise coefficient given by
the analysis matches the blade passage calculations within 2% over the operating range of
the fan for which the performance has been measured experimentally [39].

Radial distributions of pitchwise-averaged axial velocity and stagnation enthalpy rise
are shown in Figure 5-7. The overall shape of the design point radial loading distribution
matches the RANS-computed enthalpy rise within 10% over most of the blade span. Near
the end walls, the model cannot capture the quantitative effect of tip clearance and pitchwise
variations in the endwall boundary layer on the pitchwise average stagnation enthalpy rise
and flow coefficients, but these discrepancies do not have a large impact on the overall

performance.

Three-Dimensional Fan Stage Distortion Response

The distortion response was assessed for a vertically stratified inlet stagnation pressure

distribution representing an upstream fuselage boundary layer, as shown in Figure 5-8. The

tThe source term description was derived for inviscid flow. Implementing the flow model in a viscous
solver will also produce changes in enthalpy and entropy in the main flow, but the endwall boundary layers
are resolved by the equations of motion.
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Figure 5-6: NASA R4 rotor stagnation enthalpy rise characteristic; RANS computations vs
axisymmetric source term model with uniform inlet conditions

domain inlet stagnation pressure is calculated from a cubic-spline velocity distribution with
non-zero wall velocity to provide a realistic boundary layer shape factor. The plot on the
left of Figure 5-8 shows contours of non-dimensional stagnation pressure imposed at the
domain inlet (station 0 in Figure 5-5). The plot on the right shows a comparison of the
vertical stagnation pressure with a computed BLI inlet profile. The vertical axis is height

above the bottom of the fan, and the horizontal axis is non-dimensional stagnation pressure.

Figures 5-9 through 5-18 show various flow quantities at different axial stations as con-
tours on axial planes (oriented with # = 0 at the top of the wheel, # increasing counter-
clockwise, and clockwise rotor rotation) and as circumferential distributions near the blade
hub, midspan, and tip sections. The former is useful for qualitative assessment of the flow

behavior, and the latter allows quantitative assessment of various flow metrics.

Figure 5-9 shows the non-dimensional stagnation pressure distribution at the rotor inlet.
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Figure 5-8: BLI inlet stagnation pressure distribution

The inlet distortion convects along streamlines from inlet to the fan face. Upstream interac-
tion of the non-uniform flow with the fan stage produces a top-to-bottom flow redistribution.
The rotor-relative flow angle distortion is shown in Figure 5-10. The top-to-bottom veloc-
ity at the rotor inlet yields regions of co-swirl and reduced incidence on the right-hand
side (6 > 180°) of the fan, and counter-swirl and increased incidence on the left-hand side
(6 < 180°). The effect is strongest near the hub, where the blade speed is lowest and the
swirl velocities are large due to the blockage of the spinner. Near the bottom of the wheel
(6 = 180°), there is increased incidence due to reduced axial velocity in the low stagnation
pressure region. The incidence angle distortion is largest near the hub, where the stagnation
pressure distortion is smallest. This is due to the upstream flow redistribution, because the

velocity distortion at all spanwise locations are affected by the stagnation pressure distor-
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tion near the tip. The two-dimensional analysis in Chapter 4 cannot capture this type of
upstream flow redistribution.

Figure 5-11 shows the stagnation enthalpy rise coefficient across the rotor. At 6 =0,
the upstream stagnation pressure is uniform, the upstream redistribution produces no cir-
cumferential velocities, and the enthalpy rise distribution is similar to that for uniform flow
in Figure 5-7 (this is also seen in the differences in the circumferential averages shown as
dotted lines in the right-hand plot of Figure 5-11). The circumferential variations in en-
thalpy rise correspond to the changes in incidence: increased incidence leads to increased
stagnation enthalpy rise, relative to the circumferential average, and decreased incidence
leads to decreased stagnation enthalpy rise. This behavior is qualitatively similar to the
behavior of the rotor actuator disk in Chapter 4. The local flow turning and stagnation

enthalpy rise are set by the inlet relative flow angle, 51, and the exit flow angle, 2, which
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is constrainted by the blade geometry.

The non-uniform work input results in non-uniformities in streamtube contraction. Fig-
ure 5-12 shows local streamtube contraction through the rotor, dA41/0As = (pauz)/(p1u1).
The contraction ratio distributions are qualitatvely similar to the local work input, and the
magnitude of the circumferential non-uniformities are largest where the stagnation pressure
distortion is largest.

The combination of flow turning and streamtube contraction yields non-uniform relative
velocity decelerations across the blade, which we use as a surrogate for blade performance
in the absence of losses in the throughflow analysis. Figure 5-13 shows circumferential
distortions in the relative rotor velocity ratio W7 /Wa. As with incidence angle, the velocity
ratio distortion is largest near the hub. At midspan, there are two peaks in the velocity ratio

circumferential distribution, one due to increased incidence and turning in the counter-swirl
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region, and one due to decreased streamtube area contraction in the co-swirl region. Figure

5-14 shows circumferential distortions in rotor diffusion factor,

Wout AVG
DF=1-— .
Winl ¥ 20Winl

(5.11)

The solidity o = ¢/s is approximated using the local blade pitch, s = 27r/B, and the
midspan chord (the only chord value provided in the literature [39]). Both the velocity
ratio and diffusion factor provide a measure of flow deceleration; the former represents the
pitchwise-average, and the latter estimates deceleration in the blade boundary layers based
on approximations about the streamwise blade loading distribution. Previous full-wheel
unsteady calculations have shown that changes in diffusion factor are a good predictor of

changes in local efficiency relative to the performance with uniform inlet conditions [5].
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Figure 5-15: Stator inlet non-dimensional stagnation pressure (pg3 — Proo )/ (P(Qrtip)?)

Comparison of Figures 5-13 and 5-14 shows both metrics exhibit qualitatively similar cir-
cumferential distributions, and thus either may be used as a surrogate for blade section
performance in evaluating the effect of changes in fan stage design on distortion response.
Figure 5-15 shows the non-dimensional stagnation pressure distribution at the stator
inlet. The stator inlet stagnation pressure is set by the rotor inlet stagnation pressure
distribution upstream of the rotor and the non-uniform work input by the rotor. The
distribution in Figure 5-15 is thus arrived at by adding the values in Figure 5-9 and 5-
11. Near the tip, the work input is highest where the stagnation pressure is lowest, in
agreement with parallel compressor theory, and results in a reduction in the magnitude of
the circumferential stagnation pressure non-uniformity from 0.05p(Qr;p) upstream of the
rotor to 0.03p(Qrip) upstream of the stator. At other spanwise locations, however, the non-
uniformities in stagnation enthalpy do not necessarily result in a reduction in stagnation
pressure distortion. At midspan, the magnitude of the circumferential stagnation pressure
uniformity is approximately 0.25p(Qrtip)? both upstream and downstream of the rotor, and
near the hub, it increases from less than 0.005p(Qrtip)? to approximately 0.025p(Qrp)2.
These non-uniformities do not necessarily have an adverse effect on the fan stage efficiencies,
but they will result in a decrease in propulsive efficiency for a given propulsive power.
Figure 5-16 shows stator incidence distortion. As described in Chapter 4 for a close-
spaced stator, non-uniformities in absolute tangential velocity and swirl angle will exhibit
the same behavior as the axial velocity. This behavior is apparent in Figure 5-16, where
the stator incidence is highest near the bottom of the wheel, where the axial velocity is

lowest, highest near the top of the wheel, where the axial velocity is highest, and increases
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in regions of increased rotor streamtube area contraction (Figure 5-12).

As in the rotor, we consider circumferential distortions in velocity deceleration across
the stator as a surrogate for local blade row performance. Figures 5-17 and 5-18 show cir-
cumferential distortions in stator velocity ratio, V3/Vy, diffusion factor, respectively. Again
the two metrics exhibit qualitatively similar behavior at a given spanwise location, making

either an appropriate surrogate for blade section performance.

5.4 Summary

An analysis has been developed to calculate non-axisymmetric turbomachinery throughflow
using distributed momentum and energy sources. The analysis applies to circumferential
length-scale distortions large compared to blade pitch, such as those seen with BLI, in
which the flow can be assumed locally quasi-axisymmetric and quasi-steady. The solu-
tions represent the relevant long length-scale features in a pitchwise-averaged sense. This
approximation means solutions can be obtained at much lower cost than typical distortion
response calculations using the full blading geometry due to reduced grid size (the full-wheel
simulated with a grid similar in size to a single blade passage grid) and the use of steady
rather than unsteady solution techniques. Further, the current method requires no a priori
blade passage flow solutions.

The source term distributions are determined as a function of local flow conditions
for a specified blade camber surface geometry, which turns the blade-relative flow towards

the blade-tangent direction. Because blade losses do not have a significant impact on the
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distortion response features of interest, an inviscid description is used.

Comparison with bladed passage calculations for two-dimensional cascades shows that
changes in flow turning and pressure rise with blade row inlet angle are well described
for geometries representative of fan stage blading. Comparison with single passage RANS
calculations for a three-dimensional fan rotor with uniform inlet conditions shows the ap-
proximate analysis is able to capture the stagnation enthalpy rise characteristic and radial
loading distribution.

Application to a fan stage with BLI inlet distortion illustrates the analysis capture
distortion flow mechanisms observed by previous authors [5]. Fan-distortion interaction
leads to a top-to-bottom redistribution of the flow upstream of the fan, which generates
tangential velocity non-uniformities at all spanwise locations, an effect that is not predicted

by the circumferential distortion analysis in Chapter 4. Downstream of the rotor inlet,
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however, the rotor work input and stator inlet agree qualitatively with two-dimensional
analysis. Examination of circumferential non-uniformities in relative velocity ratio and
diffusion factor both show behavior in agreement with previous work, and both are thus
deemed appropriate surrogates for local blade row performance in assessment of the effect

of changes in fan stage design on distortion response.
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Chapter 6

Distortion Tolerant Propulsor

Design Attributes

In this chapter, we use the analysis described in Chapter 5 to deteremine non-axisymmetric
flow fields for a number of fan stage geometries, identifing design attributes to mitigate
the effect of BLI inlet distortion on fan efficiency. The impacts of: (i) stage design point,
(ii) radial loading distribution, (iii) rotor-stator axial spacing, and (iv) non-axisymmetric
stator exit angle distributions are examined. For axisymmetric stage design, the results
illustrate the tradeoffs in performance between the rotor and stator or between different
spanwise sections of a given blade row. For non-axisymmetric designs, it is found that a
circumferentially varying stator geometry can be used to reduce the rotor velocity distortions

and potentially mitigate both rotor and stator losses.

6.1 Parametric Geometry Description

Calculations have been carried out for the axisymmetric geometry in Figure 6-1. The
meridional flowpath upstream of the rotor is the same as the R4 fan. Downstream of
the rotor inlet, the casing radius is constant, and the hub radius yields a constant area
contraction rate, dA/dx, through the stage and downstream nozzle.

Momentum and energy source distributions are applied in annular volumes of constant
axial extent, at the rotor and stator locations, with a specified blade camber surface geome-
try. The focus here is on rotor loading and stator exit swirl distributions that the geometry

produces. Solidity is thus not considered as a design variable, and the blade and vane counts
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Figure 6-1: Fan stage meridional geometry for inlet distortion response parametric design
study calculations

are set at those of the R4 fan stage (22 and 54, respectively). For each design, the rotor
blade camber surface geometry is parametrically defined as a function of the specified radial
distribution of leading edge and trailing edge metal angles. The stator loading is set by the
overall turning, and thus for convenience, the stator vanes are simulated as flat plates (zero
camber) at either zero stagger or with a specified non-axisymmetric stagger distribution.
The relevant distortion flow mechanisms identified in Chapters 4 and 5 are effectively
inviscid, and the flow is thus taken to be inviscid.* Solutions were computed on an ax-
isymmetric full-annulus grid of approximately one million cells using the inlet stagnation

pressure distribution described in Section 5.3.2.

6.2 Fan Stage Design Assessment

Following the conceptual approach of Chapter 4, we consider the effect of variations in
turbomachinery design point velocity triangles, axial spacing between the rotor and stator,
and non-axisymmetric stator geometries. The performance metric is circumferential non-
uniformity in the relative velocity ratios across the rotor and stator, Wi /Wy and V3/Vj,
respectively. This captures the effect of changes in both incidence and local streamtube
contraction on local streamtube deceleration, and is used as an indicator of changes in
efficiency. Diffusion factor captures the same effects, and has been shown to correlate well
with changes in local efficiency [5], but it depends on local blade section solidity, which

is not part of the parametric description considered here. It can be noted, however, that

*The analysis is implemented computationally using ANSYS CFX, which only has the capability to solve
the Navier-Stokes equations. Inviscid flow is approximated by solving for laminar flow with free-slip end
walls.
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point 1/¢? (thrust requirement), three designs have different radial loading distributions
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Chapter 5 showed the behavior of velocity ratio and diffusion factor non-uniformities are

similar, and the results would not be expected to change between these two metrics.

The distortion flow behavior, e.g., circumferential distributions of perturbations veloci-
ties and flow angles, is qualitatively similar for the range of cases examine. We thus consider

the magnitude of velocity ratio distortion as our performance metric,

Win \ Wini . Wi
) (Wom) = max (Wout) min (Wout> . (6.1)

In the analysis of axisymmetric stage geometries, we examine rotor and stator 6( Wi/ Wout)

at radial locations near the hub (10% span), midspan (50% span) and tip (90% span).

6.2.1 Stage Design Point and Radial Loading Distribution

Five different rotor geometries are examined to assess the impact of design point velocity
triangles. Figure 6-2 shows the design point stagnation enthalpy rise coefficient versus
flow coefficient, and Figure 6-3 shows radial stagnation enthalpy rise distribution for all

five geometries. The rotor camber surface geometries were generated by fixing the leading
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Figure 6-3: Design point radial stagnation enthalpy rise distributions; the geometries with
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edge metal angle distribution based on the design point flow coefficient and varying the
trailing edge metal angle distribution iteratively until the desired stagnation enthalpy rise
distribution was achieved. The baseline geometry has the same design point as the R4
fan with an approximately uniform radial distribution in stagnation enthalpy rise. Two
geometries have the same 1/¢? (representing a fixed propulsive power requirement) with
+20% change in stagnation enthalpy rise relative to the baseline case, and two designs
have radially non-uniform stagnation enthalpy rise distributions at the baseline stage (¢, )
design point.

Figure 6-4 shows the magnitude of distortions in swirl angle in the absolute frame at the
rotor inlet, da;. The results show the behavior of the upstream redistribution with changes
in the stage design point is qualitatively similar to observations from two-dimensional anal-
ysis. As the loading is increased, the slope of the pressure rise characteristic decreases,
leading to reduced axial velocity attenuation, swirl generation, and flow angle distortions.
This effect is not sensitive to the variations in radial loading distributions examined here;
the changes in flow angle distortion for local changes in stagnation enthalpy rise at fixed
(¢,v) are small (< 0.5°) compared to similar changes along the entire span (~ 2°).

Figure 6-5 shows the behavior of rotor and stator velocity ratio distortions for changes

in the stage design point with uniform loading distribution. — The tip section behavior
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Figure 6-4: Changes in rotor inlet absolute swirl angle with changes in stage design point and
radial loading distribution; increases in overall stagnation enthalpy rise lead to decreased
characteristic slope, weaker upstream redistribution, and reduced incoming swirl.

is similar to the two-dimensional description in Chapter 4, with increasing distortion for
increasing loading at fixed 1/¢*. Near the hub and midspan, however, the velocity ratio
distortions are dominated by co- and counter-swirl distortions, which decrease for increasing
loading. This effect is strongest near midspan due to the combination of swirl and axial
velocity distortions, which increases the peak-to-peak velocity ratio distortion by a factor
of two between the high and low loading designs. The stator behavior is consistent with
the two-dimensional analysis, with decreasing stator distortion for increased loading at all

radial locations.

Figure 6-6 shows the behavior of rotor and stator velocity ratio distortions for changes
in the radial distribution of stagnation enthalpy rise coefficient. For fixed overall stage ¢
and 1, the upstream flow is unchanged with changes in the radial loading distribution, as
shown in Figure 6-4. Changes in the local stagnation loading distribution thus result in
changes in the flow turning and rotor relative exit angle for fixed rotor inlet conditions,
and the behavior of velocity ratio distortion can be explained in terms of changes in the
local velocity triangles. As loading is increased, the rotor flow turning and velocity ratio
distortion increase, and the stator velocity ratio distortion decreases, consistent with two-

dimensional analysis.
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Figure 6-5: Changes in rotor and stator velocity ratio distortion with changes in stage design
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Figure 6-6: Changes in rotor and stator velocity ratio distortion with changes in radial
loading distribution; behavior is similar to two-dimensional analysis because the upstream
redistribution is insensitive to changes in the radial loading distribution at fixed ¢ and 1.
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Figure 6-7: Fan stage meridional geometry with closely spaced, baseline, and far downstream
stator locations
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Figure 6-8: Changes in rotor and stator velocity ratio distortion with changes in rotor-stator
axial spacing; behavior is similar to two-dimensional analysis.

6.2.2 Rotor-Stator Interaction

The effect of rotor-stator spacing was assessed for the baseline stage geometry (¢ = 0.47,
¥ = 0.24, uniform radial distribution of stagnation enthalpy rise) for the three stator loca-
tions illustrated in Figure 6-7. The rotor-stator spacings are equal to 0.08, 0.25, and 0.76
fan diameters, all within the range of spacings considered in Chapter 4 (Ly o < 3).

Figure 6-8 shows the magnitude of the velocity ratio non-uniformity with inlet distortion
at rotor and stator hub, midspan, and tip sections, for the three stator locations. The

results are consistent with observations from the two-dimensional analysis, with increased
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rotor-stator spacing decreasing the non-uniformity in the stator by as much as an order
of magnitude and increasing the non-uniformity in the rotor by a factor of two. In this
case, the stator performance benefits from the increased area contraction with increased

rotor-stator spacing, which attenuates the axial velocity distortion upstream of the stator.

6.2.3 Non-Axisymmetric Stator Geometry

In this section, we examine the impact of non-axisymmetric stator design (downstream flow
angle non-uniformity) on rotor performance. We consider circumferentially varying stator
stagger angles &,

£ =cos g = —sin"! Ay = daycos(d — O, ). (6.2)

The assumption is that the detailed stator camber surface geometry does not influence the

conditions at the rotor for a given downstream flow angle.

Figure 6-9 shows the magnitude of rotor incidence and velocity ratio non-uniformity for
the baseline axisymmetric design and for non-axisymmetric stator geometries with different
stagger phase angles 6,,. The results are for a stagger non-uniformity dayq = 10°, which
minimized rotor incidence distortion for a two-dimensional flow representing the tip section
geometry. There are reductions in rotor incidence non-uniformity in the tip and midspan
sections for 6, = 270° and the hub section for §,, = 180°. For all the non-axisymmetric
stator geometries, however, the rotor velocity ratio non-uniformity is amplified relative to

the behavior with axisymmetric geometry.

Figure 6-10 shows circumferential distributions of rotor velocity ratio non-uniformity for
different stator geometries. The tip velocity distortion for das = 10° and 6,, = 270° is out
of phase with that for the axisymmetric geometry, indicating the downstream static pressure
perturbation is the dominant effect driving non-uniformities at the rotor. For doy = 3° at
the same stagger phase angle (and a smaller static pressure perturbation), there are more
favorable conditions at the rotor, with a 39% reduction in velocity ratio non-uniformity. A
similar result is obtained at the hub section; for a stator stagger phase angle 6,, = 180° at
day = 10°, there is a 282% increase in velocity ratio distortion, but the same phase angle
dag = 1.5° results in a 48% decrease in velocity ratio distortion relative to the axisymmetric

geometry.
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non-axisymmetric stator geometries; stator exit perturbation angle day = 10° can reduce
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Figure 6-10: Rotor tip (left) and hub (right) velocity ratio distortions for various non-
axisymmetric stator geometries; distortion reduction is achieved by scaling stator exit angle
based on axisymmetric and non-axisymmetric results assuming linear relation between ve-
locity ratio and exit flow angle variations.

6.3 Discussion

The discussion in Section 6.2 shows how the distortion response in a low hub-to-tip ratio
fan stage differs from the two-dimensional results presented in Chapter 4. Specifically, the
upstream redistribution results in (three-dimensional) effects which are not captured by the
two-dimensional analysis. Downstream of the rotor, however, the flow field is consistent
with the two-dimensional analysis. In particular, we see that asymmetry in the stator
geometry can have a large effect on stage distortion response.

The rotor performance is mainly determined by the upstream flow redistribution. For a
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vertically stratified inlet stagnation pressure distribution representative of BLI considered
here, distortion-fan interaction results in a top-to-bottom flow redistribution, with both
circumferential and radial velocities. The latter are not captured by the two-dimensional
analysis in Chapter 4. Further, they result in circumferential non-uniformities in velocity
(which impact local blade loss) at all spanwise locations, even near the hub, where the
circumferential stagnation pressure non-uniformity is small. The magnitude of the upstream
azial velocity distortion attenuation and swirl generation depend on the stage enthalpy rise
and flow coefficient as described by the two-dimensional analysis, and does not change

significantly with the changes in the radial loading distribution examined here.

The rotor distortion transfer, rotor-stator interaction, and stator performance are all
consistent with the two-dimensional analysis. For given rotor inlet conditions (again, set
by the overall stage ¢ and ), local increases in rotor enthalpy rise would be expected to
result in decreased rotor efficiency because the rotor velocity ratio increases with the flow
turning for a given incidence distortion. Conversely, the expected stator efficiency should
increase with increases in stagnation enthalpy rise, which result in larger average swirl
angles and thus less sensitivity to velocity perturbations. Increasing the axial rotor-stator
spacing reduces the rotor”back pressure perturbation, which decreases rotor efficiency. It
also enables flow redistribution upstream of the stator that decreases the flow angle non-
uniformity. The downstream static pressure distribution can be manipulated by changing
the stator geometry to produce a non-uniform flow angle distribution. This can affect
velocity distortions in both the rotor and stator in a favorable or unfavorable way, depending

on both the phase and magnitude of the downstream flow angle distribution.

We can summarize the results of the distortion analysis as follows. Increasing the stag-
nation enthalpy rise coefficient at fixed 1/¢? (i.e., for a fixed propulsive power) reduces the
rotor tip section performance, as given by the two-dimensional analysis, but the reduction in
co- and counter-swirl creates a reduced velocity ratio distortion near the hub and midspan.
These both have an effect on blade row efficiency, and the quantitative changes need to be
examined on a case-by-case basis. Changes in the radial stagnation enthalpy rise distribu-
tion result in reduced rotor distortion in sections with reduced stagnation enthalpy rise at
the cost of increased distortion in sections where the stagnation enthalpy rise is larger. The
local stator losses will be reduced for reduced loading, introducing a trade between rotor

and stator performance at a given spanwise section. Finally, increasing rotor-stator spacing
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reduces stator velocity non-uniformities at the cost of increased rotor incidence distortion.
The effect is stronger in the stator, and thus there is a potential for a net gain in stage
efficiency.

Non-axisymmetric stator geometry can be used to create a stage exit pressure per-
turbation that produces decreased velocity non-uniformity for a given upstream stagnation
pressure non-uniformity. Stator geometries, designed assuming a linear dependence of veloc-
ity ratio non-uniformity on stator exit flow angle perturbation, produced 40-50% reduction
in rotor velocity ratio distortion at various spanwise locations. Only circumferential varia-
tions in stator exit flow angle were considered, but a more detailed design with optimized
circumferential and radial distribution of exit flow angle may be able to achieve greater de-
creases in velocity non-uniformity. Further, the stator inlet metal angle distributions could
be optimized to minimize stator losses for the given inlet flow angle (based on the distortion
coming out of the rotor) and exit flow angle (tailored to minimize rotor losses) distributions,

and thus mitigate the impact of BLI inlet distortion on fan stage performance.
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Chapter 7

Summary, Conclusions, and

Recommendations

7.1 Summary and Conclusions

1. Boundary layer ingestion (BLI) enables a reduction in required flow power P, via an
increase in propulsive efficiency at fixed fan size. The BLI benefit is due to reduced
airframe wake dissipation and propulsor jet dissipation. For commercial aircraft ap-
plications, the former is small (approximately 10% of the benefit), and the latter is
dominant, with the magnitude depending on the propulsor mass flow. For the D8
aircraft configuration, BLI and non-BLI propulsion systems optimized for minimum
fuel burn have approximately equal diameters, and the BLI benefit is thus realized at

approximately constant propulsor mass flow.

2. Propulsor simulators for wind tunnel models used to assess BLI benefit should be sized
using direct scaling of propulsive efficiency to preserve the behavior of the BLI power
savings of full-scale configurations at design Mach numbers. Experimental measure-
ments of model flow power, over a range of representative propulsive efficiencies, in
BLI and non-BLI configurations, are consistent with estimates based on mechanical
energy analysis, confirming both the BLI benefit and the utility of the power balance

analysis.

3. Reduced fan efficiency due to inlet distortion is not a barrier to realizing BLI benefits.

For the D8.2 aircraft, fuel burn is estimated to increase 0.8% per 1% decrease in fan
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cruise polytropic efficiency, compared to the 14% BLI fuel burn benefit. Previous
research [5] has shown fan efficiency decreases of 1-2% with BLI inlet distortion.
Further, changes in fan efficiency do not appreciably impact the optimal fan sizing,

and the internal and external flow problems can be considered independently.

. Two- and three-dimensional analyses have been developed to evaluate the response of
fan stages to BLI distortion. Comparison of results of the two methods shows a three-
dimensional flow description is required to capture the upstream flow redistribution.
The rotor inlet conditions and resulting rotor performance can be described in terms
of axial and swirl velocity non-uniformities, which, for a given inlet stagnation pres-
sure distribution, depend on the stage stagnation enthalpy rise and flow coefficient.
Downstream of the rotor inlet, the qualitative behavior of rotor distortion transfer,
rotor-stator interaction, and stator performance are captured by the two-dimensional

flow description.

. Non-axisymmetric stator geometry can potentially mitigate the effect of BLI inlet
distortion on fan stage performance. A non-axisymmetric stator exit angle distribution
can be designed to reduce velocity non-uniformity in the rotor for a given upstream
stagnation pressure distribution, and the stator blading geometry can also be designed

to accomodate the stator inlet swirl distortion generated by the rotor.

. Axisymmetric changes in the fan stage design result in tradeoffs in velocity non-
uniformities between different blade sections. Further study is needed to determine

whether these changes can yield a benefit in overall fan efficiency.

7.2 Recommendations for Future Work

Stator Design for Distortion Tolerant Fan Stage

Based on the findings, a next step is the design of a three-dimensional stator geometry

to reduce losses due to BLI inlet distortion. A possible design process, for a given rotor

geometry, would start with simulations using the source term model, then proceed with

higher fidelity tools as follows:

1. Develop a non-uniform stator exit flow distribution, using current rotor and stator

106



source term model descriptions, to select the magnitude and phase of the stator stagger

angle, as well as radial variations to minimize rotor flow distortion.

. Design stator blading geometry based on the distributions of stator inlet and exit flow
angles. Steady full-wheel calculations can be implemented with the rotor source term
description and the stator blading geometry to evaluate the performance and improve

the stator geometry if needed.

. Conduct computational or experimental assessment of the stator geometry to deter-

mine the change in stage efficiency relative to the axisymmetric design.

Modifications to the Source Distribution Analysis

The analysis presented in Chapter 5 gives useful assessments of the sensitivity of non-

uniform flow conditions to changes in the turbomachinery design and installation. With

modifications, the computational model may be used to determine the effect of other design

characteristics (e.g., casing treatments). We propose two immediate steps:

1. Blade loss description: Previous approaches have adequately captured the behavior

of fan efficiency using energy and flow-parallel momentum sources as described in
Chapter 5 [27]. Incorporation of a boundary layer loss estimate based on local velocity
(representing the passage average) and blade loading would enable direct calculation

of efficiency rather than relying on inviscid loading parameters as in Chapter 6.

. Compressible flow: Contemporary fan stages are designed with transonic tip Mach
numbers. The relevant BLI distortion mechanisms have been shown to be similar
at high and low speed (5], but the details of the flow and the distortion efficiency
penalty will likely change for higher Mach number. The analysis should be expanded

to capture these effects.

BLI Propulsor Aeromechanics

The results in this thesis, both for the external configuration and the internal flow perfor-

mance, suggest that increased fan losses due to inlet distortion do not represent a significant

obstacle to the design of a BLI aircraft configuration. A more important issue may be the

aeromechanical behavior of a BLI fan rotor, because the inlet distortion result in unsteady
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forces on the blades. Balancing requirements between aerodynamic performance and struc-
tural integrity may be challenging because the design that produces the most uniform flow
may also have the largest variations in blade force. These issues have not been investigated
for the D8 configuration, and this should be done. The source term analysis that has been
developed to predict the flow field response also defines the circumferential variations in
the blade force, and may thus be useful in early assessment of BLI fan blade structural

response.
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Appendix A

Two-Dimensional Linearized Flow

Distortion Analysis

A.1 Equations of Motion

We begin with the equations of motion for inviscid, incompressible flow on the unrolled

annular domain in Figure 4-1,

%+%+%=Q (A.1)
2
LR ~
ag;v) +0(81; ) +6(g:f> =_%g§, (A-3)
2
a(g;u) +a(g;u) +859u; ) =—§§§- (A-4)

The z-coordinate is taken as the direction across the height of the annulus h. For h < R
and small wall angles (% < 1), gradients of flow quantities in the radial direction can be

neglected, and the equations of motion are expressed in terms of radially averaged quantites,

— 1 [h
f=EAf&. (A.5)

Taking the z-integral of Equations (A.1)-(A.4), the equations of motion are reduced to three

equations for the radially-averaged axial velocity, tangential velocity, and pressure in two
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dimensions,

o(hw)  O(hw) _
e oy = (A.6)

ou _du_ 10p
u5:;+v5—y—— p'a—x, (A7)

5 v 10p
a—w+’l)a—y— ;'55 (AS)

u

We now assume small amplitude, two-dimensional perturbations in the radially averaged

flow quantities and annulus height about an axisymmetric mean flow and geometry,

a(z,y) = U(z) +v'(z,y), (A.9)
o(z,y) = V(z) +'(z,9), (A.10)
B(z,y) = P(z) +P'(z,y), (A.11)
h(z,y) = H(z) + K (z,y). (A.12)

Integrating Equations (A.6)-(A.8) with respect to y, we arrive at the equations of motion

for the axisymmetric mean flow,

£ U@HE) =0, (4.13)

2 (P + 30 + 3V @) = (A.14)
d

- V(@) =0. (A.15)

Equation (A.13) is conservation of mass for one-dimensional incompressible passage flow.
Equations (A.14) and (A.15) are the momentum equations for axisymmetric swirling flow
at constant radius. Equation (A.14) states the stagnation pressure is conserved along
streamlines (Bernoulli’s equation), and (A.15) states the circulation is constant for fixed

R (Kelvin’s Theorem).

The equations for the perturbation quantities are obtained by substituting Equation
(A.9)-(A.12) into Equations (A.6)-(A.8), eliminating higher order terms, and using Equa-
tions (A.13)-(A.15) to eliminate terms that do not depend on perturbation quantities. We

also cast the equations in terms of the stagnation pressure perturbation, rather than the
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static pressure,

py =1+ pUu’ 4 pV?/, (A.16)

and rearrange to present the equations as a set of equations for the perturbation flow

quantities,

o _ _yLldH o/ (UOK  VOK K dU (A.17)
0r  Hdzx 0y Hoéx HOy Hdz)’ )
o' o 1 op,

% o Uy (4.18)
O, V oy,

- (A.19)

A.2 Numerical Solution

Circumferential variations in the flow field perturbations «’,v’, p}, and the annulus height

k' can be represented using Fourier series,

N
fley)= Y falz)e'k. (A.20)
n=—N
The equations of motion then reduce to a system of 6N first order ordinary differential
equations for the 2N complex fourier coefficients (fy = 0 for perturbation quantities with a

mean of zero) for v/, v/, and p},

ou, ,1dH ., (U®d, .V , HKdU
'%““%ﬁa"WV(ﬁa:“E%+ﬁa)’ (A.21)
ov, ., .1,

Bz = Wn T P (A.22)
Op} vV

a;n = —zﬁpg’n. (A.23)

Equations (A.21)-(A.23) are integrated numerically using the ode45 MATLAB function.
Separate integrations are performed for the inlet region, rotor-stator gap, and downstream
domains, with the inlet stagnation pressure, inlet tangential velocty, and exit static pressure
boundary conditions, and changes across the actuator disks described in Chapter 4. The
inlet axial velocity is found by solving the residual equation (4.15) using the fsolve MATLAB

function.
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